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PREFACE

The concept of a nuclear rocket system based on the use of a tungsten water-moderated reactor

(TWMR) was originated at the Lewis Research Center. The TWMR is a thermal reactor that uses

water as the moderator, uranium dioxide as the fuel, and tungsten enriched in tungsten 184 as the
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fuel element structural material. As is com-

mon to all nuclear rocket systems, hydrogen

is used as the propellant to maximize specific

impulse. The reactor (see illustration) con-

sists of a tank containing a number of pressure

tubes that are attached to tube sheets at the

inlet and outlet ends of the reactor. The pres-

sure tubes contain the fuel elements. The

space inside the tank between the tubes is filled

with water, which serves both as the neutron

moderator and as a coolant for the structure.

Heat is generated in the water by neutrons and

gamma rays and is also transferred to the

water by heat leakage from the hot fuel ele-

ments, each of which is located in a pressure

tube. The removal of heat is provided by

pumping the water through the core and a heat

exchanger in a closed loop. The water is re-

generatively cooled in the heat exchanger by

the hydrogen propellant, which flows from a

supply tank through the nozzle and heat exchanger into the core. As the hydrogen flows through the

core pressure tubes and through the fuel elements, it is heated to a high temperature and is expanded

out the nozzle to produce thrust.

The potential advantages of the concept lie in the following areas: The use of tungsten provides

a high-temperature material with good thermal shock resistance, tensile and compressive strength,

thermal conductivity, and resistance'to corrosion by the hydrogen propellant. The properties of

tungsten also permit the fabrication of fuel elements with very thin cross sections for good heat

transfer. The use of water as the moderator provides a good coolant for the pressure vessel and

structural members and reduces core size and weight over that obtained for most moderator mate-

rials. In this concept, the fuel element assemblies are structurally independent of each other and

thus permit individual development of these assemblies.

A program was undertaken at Lewis to investigate the engineering feasibility and performance

of the TWMR nuclear rocket system. The results of these investigations, which are summarized

in part I (NASA Technical Memorandum X-1420) of this series of reports, are presented in detail in

the other six parts of the series as follows: II. Fueled Materials (NASA Technical Memorandum

X-1421); III. Fuel Elements (NASA Technical Memorandum X-1422); IV. Neutronics (NASA Tech-

nical Memorandum X-1423); V. Engine System (NASA Technical Memorandum X-1424); VI. Feed

System and Rotating Machinery (NASA Technical Memorandum X-1425); VII. System Dynamics

(NASA Technical Memorandum X-1426).

°.°
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FEASIBILITY STUDY OF A TUNOSTENWATER-MODERATEDNUCLEAR ROCKET

V. ENOINE SYSTEM (U)

by Morton H. Krasner

Lewis Research Center

SUMMARY

An overall description of the reference system used in a feasibility program is pre-

sented. Those portions of the study concerned with reactor structure and the heat trans-

fer and structural design of fuel assemblies are discussed. Also included are results of

investigations of various reactor control systems which might be used. Problems asso-

ciated with the water moderator system including heat-exchanger performance, flow dis-

tribution, and water chemistry are also covered. The final section of this report deals

with the heat-transfer performance and structural problems of the propulsion nozzle.

INTRODUCTION

The tungsten water-moderated nuclear rocket (TWMR) engine is a system that in-

volves several components and subsystems. The components include the reactor, turbo-

pumps, heat exchangers, and nozzle. The subsystems include the water-moderator flow

loop, the reactor control system, and the propellant flow system. This report deals pri-

marily with the incorporation of these items into a complete system.

The system reference design used as a focal point in the feasibility studies of the

concept is described in this report. System weight breakdowns and weight projections

for other power levels are also presented.

Results of investigations on several aspects of the reactor design are presented that

include selection of pressure vessel material, structural design of the fuel assemblies

to withstand booster as well as nuclear stage operating loads. An analysis of heat trans-

fer from fuel elements to the propellant is presented including a "hot-spot" evaluation.

Several techniques for reactor control are discussed with regard to their effects on sys-

-tem operation, size, and complexity.

Results of the water-moderator-system study include heat-exchanger design and per-



formance with emphasison the icing problem at off-design conditions. Water flow distri-
bution in the core region was investigated experimentally, and a summary of results is
included. Results of experiments onwater chemistry andtheir effects on system design
and operation are discussed. The final section of this report deals with heat transfer,
fluid flow, and structural considerations in the thrust nozzle.

Much of the work, summarized and interrelated in this volume, is reported in
greater detail in referenced topical reports. The following members of the Lewis
ResearchCenter Staff contributed substantially to the material presented in this volume:
DonaldW. Adams, Hubert W. Allen, Harry W. Davison, Ivan B. Fiero, Colin A. Heath,
John V. Miller, Walter A. Paulson, Richard L. Puthoff, and Walter F. Weiland.

I. TUNGSTENWATER-MODERATEDNUCLEAR ROCKETCONCEPT

REFERENCE DESIGN

The feasibility study of the tungsten water-moderated nuclear rocket (TWMR) concept

included the evolution of a reference design. This design served as a focal point for the

study and served several functions:

(1) Pointed out problem areas that required investigation

(2) Enabled limits to be set on the range of parameters to be explored in experi-

mental and analytical programs

(3) Enabled weight estimates to be made for the system

(4) Helped clarify the interrelation of system components

Certain features of the reference design were chosen primarily to fulfill its explora-

tory function, for example, the split-feed hydrogen flow system. Therefore, a final ver-

sion of the concept designed to fulfill a specific mission might look quite different from

this one.

DESCRIPTION

The reference design is composed of (1) a water-moderated, beryllium-reflected

reactor, (2) a circulating water system, (3) a heat exchanger to cool the moderator re-

generatively, (4) a pressure shell to house the reactor, (5) a nozzle, (6) a hydrogen feed

system, and (7) a reactor control system. An assembly drawing of the reactor portion

of of the powerplant is shown in figure 1. Figure 2 contains the reactor component no-

menclature.

The reactor is essentially a cylindrical aluminum can 51.5 inches (131 cm) in diam-

eter and approximately 55 inches (140 cm) long filled with water and pierced axially with
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121aluminum pressure tubes (figs. l(a) and (b)). The fuel elements inside these tubes

are made of a tungsten - uranium dioxide (W-UO2)cermet with all exposedsurfaces me-
tallic tungsten. The tungsten is enriched in the 184isotope in order to reduce the non-
productive absorption of neutrons in the core structure.

The paths of the hydrogen propellant andwater moderator flow are indicated in fig-
ure 1. High-pressure hydrogenfrom the liquid-propellant system is suppliedto the noz-
zle for regenerative cooling. The heatedhigh-pressure hydrogenenters the reactor
pressure vessel andpassesthrough the tubes of a shell-and-tube heatexchangerlocated
in an annular space outside the core and circumferentially divided into six sections.
Whenthe hydrogen leavesthe heat exchanger, it is discharged into an annular manifold
for collection at one circumferential location. From this point, the hydrogen is piped to
a topping turbine in which approximately 70 percent of the power required in the hydrogen
feed system is extracted. After a drop in pressure is experienced in the topping turbine,
the propellant is readmitted to the reactor pressure shell at the center of the elliptical
pressure headinto the inlet plenum. Located in the plenum is a stainless-steel radiation
shield anda manifold for a poisonsolution reactor control system. The incoming hydro-
gen cools these items and thenenters the fuel elements. Approximately 96 percent of the
gas is heatedto 4460° R (2475° K) in through-flow elements and is discharged through the
nozzle to produce thrust. The remainder of the gas is heatedin four special reentry type
fuel assemblies in the central region of the core. The temperature of this gasas it
leaves thesebleed fuel assemblies at the inlet endof the reactor core is 1867° R
(1037° K). The gas is used to supply the remaining 30 percent of the hydrogenfeed sys-
tem powerand the water moderator pumppower by driving a high-temperature turbine.
Figure 3 is a schematic diagram of both the hydrogenandwater flow through the system.
Included is a bleed-flow-driven turbine for driving the circulating pump in the chemical
poison loop system and a bypass in the hydrogenfeed line around the heat exchanger.

Water from the bleed-turbine-driven-moderator circulating pump enters an annular
manifold in the reactor pressure vessel, as shownin figures l(a) and (c). Six radial
ducts transfer the water through the hydrogenmanifold region into a plenumat the inlet
end of the core. Water flows through the core region and serves both as a moderator and
as a structure coolant for the aluminum pressure vessel componentsandthe beryllium
reflectors.

A secondplenumat the outlet end of the core leadsthe water into the parallel-flow
heat-exchangersections. After giving up its heat to the hydrogen, the water passesinto
an approximately annular spacebetweenthe core andthe pressure shell flowing toward
the hydrogenoutlet endof the vessel before being pipedback to the circulating pump.
The water system is pressurized to matchthe reactor discharge pressure thus minimiz-
ing the loads on the outlet tube sheet.

The outlet tube sheet is cooledby water flow on one side and is insulated from the
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hot exhaust gases by a series of tungsten radiation shields and stagnant hydrogen gas re-

gions. A stagnant hydrogen gas space and radiation shield also reduces the heat flow from

the hot fuel elements to the aluminum pressure tubes.

The reference reactor design includes a control system in which a poison (neutron

absorbing) solution of variable concentration is continually circulated through tubes in a

triangular array placed in the water moderator region. Each of these 198 tubes contains

an entrance flow inner tube. Outlet flow is in the annular space between the inner and

outer tubes. In addition to a circulating pump and the core tubes, the control system in-

cludes an ion exchanger used to reduce poison concentration, a supply of poison concen-

trate to decrease core reactivity, an accumulator-pressurizer, a solution-to-hydrogen

heat exchanger, and control and isolation valving. A schematic diagram of the reference

poison control loop system is shown in figure 4.

The following limitations and nominal conditions have been adopted in the reference

design:

Maximum fuel plate temperature, OR; OK ........................... 5000; 2780

Average outlet gas temperature, OR, OK ........................... 4460; 2475

Nozzle chamber pressure, psi; N/cm 2 ............................. 600; 414

Maximum aluminum temperature, OR; OK ........................... 760; 422

Minimum wall temperature in heat exchanger, OR; OK ..................... 520; 289

Poison control system pressure, psi; N/cm 2 .......................... 600; 414

Maximum fuel loading in tungsten, vol. % UO 2 ............................. 32

Enrichment of uranium, percent U 235 .................................. 93

Maximum enrichment of tungsten, percent W 184 ........................... 87.0

Reactor power, MW .......................................... 1515

Operating life, hr ............................................ 10

The following parameters characterize the reference design:

Number of fuel assemblies (including bleed) .............................. 121

Number of bleed assemblies ........................................ 4

Hydrogen mass flow, lb/sec; kg/sec ............................. 93.0; 42.2

Water flow rate, lb/sec; kg/sec ................................ 1040; 472

Specific impulse, sec .......................................... 830

Core power density, MW/liter .................................... 1.41

Hydrogen flow in maximum power fuel element, lb/sec; kg/sec .............. 0.957; 0.424

Core exit Mach number ........................................ 0. 12

Flow area in core, ft2; m 2 2.1; 0. 195• • • o .... • ..... , o o ........ • ........

Total void area in core (including aluminum), percent ........................ 50.5

Moderator area in core (including poison), percent ......................... 33.6

Tungsten plus fuel area in core, percent ............................... 10.9

Peak heat flux, Btu/(sec)(in. 2); j/(sec)(cm 2) .......................... 7.2; 1178

Average dynamic head at exit of maximum power fuel assembly, psi; N/cm 2 ....... 12.5; 8.62



FUELASSEMBLIES

The fuel-element configuration and support system are the heart of any reactor de-

sign. The fuel assembly must

(1) Hold fuel in a stable configuration

(2) Provide adequate heat-transfer surface area

(3) Resist aerodynamic loads

(4) Provide adequate resistance to thermal stresses

(5) Resist loads imposed when the reactor is not in operation

(6) Be capable of fabrication and assembly

(7) Be amenable to inspection

A cross section through one of the propulsion fuel assemblies is shown in figure 5.

The fueled tungsten is divided into axial sections or stages with a gap between them.

This technique eases the fabrication problem and allows for mixing among the many par-

allel coolant flow passages. For the reference design, twenty-six 1.5-inch-long (3.8 cm)

stages are used and a 0. 125-inch (3. 175 mm) gap between stages is allowed.

Alternate designs of the basic fuel-element stage are included in the reference de-

sign. They result from giving primary consideration to the ability to resist aerodynamic

loads or to reduction of thermal stresses. Figure 6(a) is a view in the direction of flow

of the fine geometry design resulting from the first approach. This honeycomb configur-

ation has no large unsupported area of fueled tungsten. The great stiffness of this design

affords very high power density capability resulting from high velocity flow, but this

same rigidity makes it susceptible to large thermal stresses.

Figure 6(b) is a similar view of the concentric cylinder configuration designed for

reduction of thermal stress. This nest of cylinders is held concentric by combs at the

leading edge region. These combs also stiffen the leading edges of the larger cylinders

to increase their ability to withstand aerodynamic loads. They are joined to the cylinders

by brazing or are made integral with the cylinders. Since these combs are very short

axially, relative expansion of the cylinders is unencumbered over most of the stage

length. At the leading edge, this freedom is reduced because of the combs. If the num-

ber of combs required to prevent buckling under the aerodynamic load becomes large,

this design loses its apparent advantage with regard to thermal stress.

Another version of the fine geometry design in addition to the honeycomb is shown in

figure 6(c). This configuration may be worthy of consideration because it does allow for

independent variation of hydraulic diameters of the flow passages and variations of the

fueled material thickness with radius.

Both the honeycomb and concentric ring stages can be supported in essentially the

same manner. Figures 7(a) and (b) show the details of this arrangement. The support

tube is the structural element to which the stages are attached by unfueled tungsten pins



inserted from outsidethe support tube. Thesepins are preventedfrom falling out by a
tungsten locking band. In the honeycombdesign, the material which engagesthe pins is
in six unfueledtungstentabs producedintegrally with the fuel stages. In the concentric
cylinder design, the combsengagethe pins to provide lateral andradial support. The
pins are retained either by brazing to the support tube, as shownin figure 7(b)or by
banding in a manner similar to that shownin figure 7(a).

A tungstensupport tubehasbeensuccessfully fabricated by vapor depositionand it
may be possible to join already fabricated stages to sucha support tube in the deposition
process. Samplesof suchan assembly in which unfueledtabs onhoneycombstages re-
ceivedthe vapor depositedsupport tube material to provide the joint have beenproduced
and tested (ref. 1).

The axially continuoussupport tube (see fig. 5) in which the pins from eachstage
engageis constructed mainly of unfueledtungsten. The colder regions are made of mo-
lybdenumand stainless steel. The support tube serves bothas an axial and laterial sup-
port member for the stages in eachassemblyand as a radiation shield to shield the alu-
minum pressure tube from the hot fuel stages. The support tube is held at the inlet end
and supported laterally at the outlet endby the pressure tube. Several tungstencorru-
gatedsprings located in a 0. 120-inch (3.05 mm) annular spacebetweenthe support tube
andthe pressure tubeprovide additional lateral support. These springs are positioned
at several axial locations betweenthe midcore and the outlet endof the reactor. The an-
nular spaceis filled with stagnanthydrogento reducethe pressure stresses in the sup-
port tube. The annulusis sealedat the cold endand is opento exhaustgas pressure at
the hot end. This arrangement maintains an internal pressure on the thin support tube to
minimize anybuckling tendency. Axial loads on the support tube are least at the hot end
and increase toward the cold end.

Four of the 121fuel assemblies are of special design. Their purpose is to provide
2000° R (1120° K) maximum outlet gasto beusedto drive high-temperature turbines in
the hydrogenfeed, water circulating, and poisonsolution circulating systems. These
bleed fuel assemblies are the reentry type. The hydrogenflows from inlet endto outlet
end of the core in anannular spacebetweena normal sized pressure tube anda reduced
sized support tube (fig. 8). The gas is turned to makea secondpass from outlet to inlet
end. In this latter pass it cools fuel stagesof smaller diameter but similar in arrange-
ment to the normal fuel assemblies. Ducts carry the hot gas throughthe inlet plenum
and out of the pressure shell for further passageto the turbomachinery. The four bleed
assemblies are located in the central region of the core. Sincethe maximum tempera-
tures in theseassemblies is lower than that in the others, a wider choice of materials
for their construction is possible.

Both types of fuel assemblies can be inserted into the core from the outlet end. The
preassembledunits would comprise 26 fuel stages, support pins, cold endseal, support



tube, andreflector insert. Theseunits are fastened into the pressure tubewith spring
type holding devices at the inlet end.

HYDROGEN FLOW SYSTEM

The hydrogen propellant is forced through the components by a feed system powered

by both a topping turbine and a high-temperature bleed turbine. Schematic diagrams of

the feed system are shown in figures 3 and 9. Figure 9 specifies pressures and tempera-

tures as well as flow paths. By extracting as much of the required pumping power as

possible in the topping turbine, a minimum specific impulse penalty is suffered. The

first-stage hydrogen pump is driven by a bleed turbine that uses high-temperature gas

from the previously described bleed fuel assemblies. A schematic diagram of the bleed

flow with pressures and temperatures is shown in figure 10. In addition to driving the

first-stage hydrogen pump, the bleed flow also drives the poison-control-solution pump

and the water-moderator pump.

Such a split-feed system has more components than either an all-topping or all-bleed

arrangement. However, it does avoid operational limits imposed by power available in

the topping turbine and has a higher specific impulse than an all-bleed system.

The final selection of a feed system and/or the division of bleed and topping turbine

power in a split system depends to some extent on chamber pressure in the nozzle. Only

a mission analysis based on adequate performance and weight data for engine components

can optimize this selection. The reference system has a nozzle chamber pressure of

600 psi (414 N/cm2). Although an all-topping system can provide all the required pump-

ing power for this chamber pressure, it is in keeping with the purpose of the reference

design that the split-feed system be incorporated. By taking account of the problems in-

volved in such a system, for example, regions of high pressure in the reactor container

and specialized fuel assemblies in the core, an increased degree of applicability can be

achieved.

WATERSYSTEM

The circulating water-moderator system is unique to this type of reactor. There

are several areas of concern in the water system. The first of these areas is the water

to low temperature hydrogen heat exchanger and the problem of icing. Calculations have

indicated that ice-free operation is not difficult to achieve at design flow conditions. The

results of these calculations were verified experimentally (see the section on HEAT-

EXCHANGER EXPERIMENTS, p. 86). In the same experiments, transient operation in
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a mockupheat exchangerhasbeenexplored, andthe results indicate that a series of
steady-state calculations canadequatelypredict transient behavior with regard to icing.
Provision hasbeenmadefor the controlled bypassingof hydrogenaround the heat ex-
changershouldthat becomenecessaryduring off-design operation.

The flowing-water moderator is used to remove heat from reactor structural com-
ponents. In normal operation, the water temperature in the loop varies over a narrow
range of temperature (650° to 700° R (361° to 389° K)). This relatively constanttemper-
ature heat sink shouldminimize thermal stresses in the reactor pressure vessel and
core structural componentsandmake po,_siblethe use of low-temperature materials.

There are two critical areas of heat removal by the water from pressure vessel
components. In these areas, both heat inducedby nuclear radiation and heat transferred
from high-temperature regions of the core are involved. Sinceheat is transferred to the
aluminum pressure tubes throughthe stagnanthydrogenspacefrom the high-temperature
fuel assemblies, a high water velocity is required on the lower two-thirds of the pres-
sure tubes to maintain a 760° R (422° K) aluminum wall temperature. To reduce the
total water flow required as a result of the high velocities, for divider tubeswere in-
stalled around the pressure tube, as shownin figure 5. Thesebaffles form two general
areas of parallel flow in the core; a high-velocity region betweenthe flow divider and
pressure tubes, anda low-velocity region outside the flow dividers. This arrangement
requires suitable baffle plates andflow distribution orifices.

The other area of critical heat transfer to thewater is the outlet tube sheet. In the
reference design, buffer zones of stagnanthydrogenandradiation shields were provided
to reduceheat transferred from thehot gas to the tube sheetby flaring the support tube
out over the tube sheet, as shownin figure 5. Heat transferred to this flared region
from the gas is radiated to the cooler nozzle surface which thereby becomesthe sink for
the bulk of the heat transferred from the gasand allows a relatively low temperature to
exist in the flared region. Heat transfer from the flared tube region to the tube sheet is
reducedby a secondradiation shield and two stagnanthydrogeninsulating spaces. Even
with sucha configuration, a fairly highwater velocity is required over the tube sheet to
maintain allowable operating temperatures. Preliminary investigations of the water flow
distribution in the plenumat the outlet endof the core indicate a fairly complex flow pat-
tern (ref. 2). It would probably be necessaryto explore this situation further to ensure
that adequateheat-transfer coefficients exist everywhere across the tube sheet to cool it
adequately.

Hydrogengeneration in the moderator system dueto corrosion and radiolytic decom-
position havebeeninvestigated, as discussed in the section WATER MODERATOR
SYSTEMCHEMISTRY (p. 90). The severity of this problem is dependent on the mode of

operation of the system. The operational requirements of a specific mission or ground



test program coupledwith the experimental data for suchhydrogengenerationwould indi-
catewhether methodsfor copingwith this problemwould be necessary.

REACTORCONTROLSYSTEM

The control system incorporated in the reference design is aimed at achieving the

following special results in addition to normal control system requirements:

(1) Constant power distribution pattern in the core for all operating conditions

(2) Minimum peak to average power generation in the gross radial sense

(3) Minimum variation in circumferential power distribution in any given fuel as-

sembly

A poison (neutron absorbing) solution, cadmium sulfate in water, is circulated

through the core region in two-pass control tubes (see figs. l(a) and (c)). These tubes

surround each pressure tube in a pattern which eliminates the regions of increased mod-

erator thickness which would otherwise exist with a triangular array of round tubes.

This arrangement reduces circumferential power scalloping in the fuel assembly. The

large number of tubes keeps the distribution of poison fairly even across the core and

minimizes gross power distortions due to control devices. Since the poison solution is

always located in the same areas of the core with only the concentration changing to vary

reactivity, the power distribution should remain uniform over core operating life.

The constantly circulating poison solution is pressurized to match moderator pres-

sure and thus reduce system structure. The circulating pump, ion exchanger, poison

supply, and other system components are located outside the core. The system will con-

tain approximately 22.5 gallons (8.52>(10 -2 m 3) of solution. Cycle time is approximately

2 seconds with flow velocities limited to 40 feet per second (12.2 m/sec).

Figure 4 shows a schematic diagram in which the flow path for the circulating poison

has a variable bypass through the ion exchanger for decrease of poison concentration.

Increase of poison concentration is accomplished by forcing poison into the system from

a pressurized concentrate reservoir through a high or low rate line. The feasibility of a

practical system of this type in such an application is closely tied to the inherent negative

temperature coefficient of the core at operating temperature. Such a characteristic

makes the use of a relatively slow acting control system reasonable.

In addition to this sort of control system, it will be necessary to provide another

system for rapid shutdown of the reactor in case of an emergency. It would probably not

be necessary to make provision for rapid recovery from such a fast scram. The injec-

tion of a poison solution from a pressurized container directly into the moderator system

just upstream of the core appears to be one reasonable approach to this requirement.



ARRANGEMENTOF COMPONENTS

The components of the engine system including the paths for fluid flow were arranged

with two primary considerations in mind: (1) compactness and (2) minimum stresses.

The heat exchanger located in the annular space surrounding the core means that the

hydrogen leaving the nozzle can flow directly into the tubes of the heat exchanger without

extensive manifolding and piping. The high-pressure gas occupies the tube space in the

exchanger rather than the shell space because the tubes are better able to stand the pres-

sur e.

Another component arrangement in the reactor core to be noted is in the region of

the inlet end reflector. This beryllium disk serves not only to produce a desirable axial

power distribution, but it is also the main support structure for the fuel elements. The

loads produced on the fuel stages can be traced through the support pins to the support

tube where they are eventually transferred to the pressure tubes. Collars on the alumi-

num pressure tubes shown in figure 5 bear on the top surface of the inlet reflector to

transmit the loads into it. The reflector is a 3-inch-thick (7.62 cm) plate of forged be-

ryllium and is much stiffer than the thin aluminum inlet header, which becomes a redun-

dant structure for this load. The reflector is well cooled so that thermal stresses are

small.

Manifolds for the poison control solution are located in the pressure vessel head so

that emergency shutoff of the external control loop can be achieved with only two valves.

This can also reduce the weight of the manifolds because the pressure difference between

the poison system and the hydrogen is not great. Pressure balancing between the water

moderator system and the hydrogen discharge pressure will reduce stresses in the pres-

sure vessel, particularly in the outlet header.

MATERIALS

The key material in the concept reference design is, of course, tungsten enriched to

87 percent W 184. The possibility for producing this material by gaseous diffusion in an

existing facility has been investigated and appears economically feasible (ref. 3). An ex-

tensive metallurgical program has been conducted to determine those properties of fueled

natural tungsten important to the nonnuclear aspects of the reactor design.

The use of the forged beryllium inlet reflector as a structural member is considered

to be feasible because of the demonstrated ability of beryllium producers and fabricators

to forge pieces of this size. Heat shields for the Mercury Project capsules were even

larger in diameter. Forged beryllium exhibits reasonable ductility with greater than

10 percent elongation at fracture in tensile tests. This member is subject primarily to

10



a bendingload in which maximum stresses occur at the outer fibers where maximum

forging action would occur. Calculated stresses in the perforated reflector are half the

values of ultimate strength exhibited by forged beryllium.

The reactor pressure vessel is designed for 6061-T6 aluminum. A 760 ° R (422 ° K)

temperature limitation was adopted in vessel components. If this temperature limitation

should become untenable in areas like the outlet tube sheet, one possible remedy may be

to substitute a zirconium alloy and suffer some penalty in weight. It is also possible to

use stainless steel and suffer some reactivity penalty.

ENGINECONTROL

During full-power operation, the control system will be required to maintain the

proper thrust by keeping propellant flow and reactor power at the proper levels. The

negative temperature coefficient of the reactor should make the reactor power require-

ment fairly easy to achieve. Propellant flow must be regulated by controlling the feed-

system turbopumps. In addition, the water temperature must be regulated to avoid over-

heating the fuel-assembly pressure tube or freezing in the heat exchanger. Manipulation

of the bypass hydrogen around the heat exchanger can be used for this purpose.

The most severe requirements for the engine control system will occur during sys-

tem startup and shutdown. Certain features of the TWMR concept tend to alleviate prob-

lems which might be encountered in these operations.

Startup

The possibility exists for circulating the water moderator and poison control solution

at low flow rates by using auxiliary pumps. It will, therefore, be possible to operate the

reactor at low power with no hydrogen flow and to warm the circulating water moderator

by transferring heat from the hot fuel elements across the insulation gap between the sup-

port tube and the pressure tube. During startup, then, a heat source other than sensible

heat of the components is readily available to the incoming hydrogen and the bootstrapping

operation should become easier.

A likely general sequence for startup is as follows:

(1) Start circulation of poison control solution and moderator using auxiliary pumps.

(2) Bring the reactor critical and to some low power by removing poison from con-

trol solution.

(3) Allow the water moderator and fuel to heat. The accompanying reactivity loss is

overcome by reducing poison concentration to maintain power at the low level.
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(4) Chill pumpswith liquid hydrogenand set turbopumpandheat exchangerbypass
valve positions for bootstrappingprocedure.

(5) Start hydrogenflow through the system under tank pressure and commenceboot-
strapping as decreasingfuel elementandwater temperatures increase reactivity. Dur-
ing this bootstrapping operation, noattempt to regulate hydrogenflow wouldbe made
and only reactor power wouldbe rampedat a certain rate by using the poisoncontrol sys-
tem.

(6) After a significant power level has beenreached, activate the complete control
system to co_trol hydrogenflow and reactor powerto achievea high specific impulse
during the power ramp. This part of the startup sequenceis expectedto take less than
1 minute, and both the heat-exchangerbypassvalve andthe poisoncontrol system would
be usedto control reactivity.

(7)After full powerand outlet gastemperature are reached, maintain operating con-
ditions by controlling propellant flow rate andwater-moderator temperature.

The feasibility of this type of startup sequencehasbeenstudied as discussed in ref-
erence 4.

Afterheat Removal

The reduction of power during system shutdown would be controlled by use of the

poison system and the heat-exchanger bypass valve. Reference 4 also describes shut-

down performance of the system.

The method of removing post-shutdown heat generated by nuclear radiation from de-

caying fission products is an important consideration in the design of a restartable nu-

clear rocket engine system. After the reactor has been shut down for a short period of

time, the principal source of heat is the beta and gamma radiation from the decaying fis-

sion products. These fission products persist for a long period of time, and the heat gen-

erated by them must be removed to prevent overheating of core components. Most of the

beta particles are absorbed in the fuel elements, whereas the gamma particles are ab-

sorbed throughout the core.

Figure 11 shows the calculated total beta and gamma power generated from 1 hour

to 1 year after shutdown for several reactor operating times. At some time after shut-

down, all the heat generated can be radiated to space with no hydrogen flow required.

The heat loss by radiation to space from the pressure vessel was calculated as a

function of source temperature, sink temperature, and emissivity of the radiating sur-

face. The results are shown in figure 12. The source temperature is that of the exter-

nal aluminum pressure vessel and must be kept at a reasonable level. If a source tem-

perature of 660 ° R (367 ° K) is assumed and an emissivity of 0.9, achievable with a suit-
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able coating, is used, 3×10 -4 percent of full power can be radiated to space. This power

level is reached 14 days after shutdown from a 1-hour operation, as indicated in fig-

ure 11.

It would, therefore, be necessary to supply some cooling to the reactor for these

14 days. It is also necessary to minimize the amount of cooling required for this task.

With the assumption that hydrogen at a core inlet temperature of 322 ° R (179 ° K) would

be used for cooling the core, calculations of steady-state heat-transfer and pressure-

drop performance were made at various power levels and flow rates. The digital com-

puter Multiple Channel Analysis Program (MCAP, ref. 5) was used in these calculations,

and the results are shown in figure 13. In the regions of negative slope d AP/dW, lam-

inar flow cannot be maintained because of instability. To avoid these regions, coolant

flows at reduced power will have to be maintained at flows higher than the flows corre-

sponding to these powers. At 1-percent power, for example, more than 4 percent of the

full flow is required, which will mean overcooling the core at these low power levels (less

than 10 percent of full power). Pulse cooling may be used to avoid the resulting waste of

coolant. With this technique, core component temperatures are dropped to well below the

normal operating temperatures during cooling pulses. Between pulses, the heat gener-

ated in the core raises the component temperatures again until the next pulse is started.

Prior to the time pulse cooling is started, coolant flow can be continuously decreased to

remove the heat generated as power is reduced.

The use of these three modes, steady hydrogen flow, pulsed coolant flow, and radia-

tion to space, should result in near optimum expenditure of propellant for a mission in

which restart is required. The amount of hydrogen required for afterheat removal has

been estimated to be of the order of 4 percent of that used in a 30-minute run at full

power.

ENGINEWEIGHTS

Calculations of engine weights resulted in the following breakdown of the overall sys-

tem:
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Reactor assembly

Reactor pressure vessel (aluminum)

Reactor pressure vessel head (aluminum)

Inlet-end reflector (beryllium)

Side reflector (beryllium)

Heat exchanger tubes, 720 aluminum tubes 3/8-inch (0.952 cm) outside

diameter by 0.035-inch (0.089 cm) wall

Inlet reflector inserts, 117 assemblies:

Stainless-steel jackets and mountings

Beryllium inserts

Total

Fuel assembly, 117 assemblies:

Stage support members and stiffeners

Support tubes

Tungsten cladding

Tungsten in fueled material

UO 2 fuel

Stainless-steel mountings

Total

Heated bleed fuel assembly, 4 assemblies:

Total tungsten

UO 2 fuel

Stainless-steel mountings

Inconel support tube

Total

Poison control components (dry)

Poison control solution

Flow divider tubes (aluminum)

Pressure tubes (aluminum)

Water inside pressure vessel

! Total weight of reactor assembly

Weight

lb kg

1325 601

175 79.5

130 59

1060 481

111 50.4

213 97

145 66

358 163

416 189

404 183

412 187

1710 776

199 90

26 12

3167 1437

51 23. 1

3 1.36

7 3.18

18 8.17

79 35.81

208 94.5

121 54.9

128 58. I

310 141

1837 834

9009 4088
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Nuclear rocket engine system

Reactor assembly

Nozzle and chamber

Liquid-hydrogen turbopumps:

First-stage pump and turbine

Second-stage pump and turbine

Total

Water turbopump

External poison system components

External moderator piping

External moderator (water)

Liquid-hydrogen system piping and fluid

Total system weight

Weight

lb kg

9 009 4088

1 281 581

349 158

349 158

698 316

201 91

507 230

747 339

924 419

372 169

13 739 6222

The densities used in the calculations are given in the following table:

Material

Aluminum

Beryllium

Stainless steel

Tungsten

Uranium dioxide

Inconel

Liquid hydrogen

Water

Density

lb/in. 3 g/cm 3

0. 098 2.72

• 067 1.85

• 290 8.04

•697 19.3

• 387 10.7

• 307 8. 50

• 0026 .072

• 036 .997

It should be noted that no shield weights are included in the preceding tabulation.

The 830-second specific impulse for the system is based on the performance of noz-

zle with an area ratio of 40 and an efficiency of 98 percent. The thrust resulting from

this specific impulse is 77 000 pounds (3.42x105 N) and the thrust to weight ratio of the

unshielded nuclear rocket engine is 5.6 pounds thrust per pound weight (54.8 N/kg). Es-

timates were made for larger reactors of this type and for smaller ones down to the re-

activity limits using both uranium 235 and 233. Thrust to weight ratios were calculated

and are reported in reference 6. Figure 14 shows the principal results of these perform-

ance projections. The dynamic head performance line of 12.5 psi (8.62 N/cm 2) is based

on the use of concentric-ring fuel stages, and the core pressure drop line of 250 psi

(172 N/cm 2) is based on the use of a fine geometry fuel stage with no dynamic head limit.
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II. REACTORSTRUCTURE

PRESSUREVESSEL MATERIALS AND STRESSES

The primary structural member of the TWMR is the pressure vessel which serves

the multiple functions of

(1) Containing the reactor core structure and loads

(2) Containing the heat-exchanger structure and loads

(3) Providing passages and plenums for both the moderator water and hydrogen pro-

pellant

(4) Transferring thrust produced by the nozzle to the engine structure

The vessel is exposed simultaneously to pressurized hot water, cryogenic flowing hydro-

gen, and stagnant hydrogen at moderately high temperatures. The water pressure level

is matched to the 600-psi (414 N/cm 2) nozzle chamber pressure. The water temperature

must be maintained below the saturation temperatures (930 ° to 945 ° R (516 ° to 525 ° K))

at the various pressures in the circulating systems. The more important criteria for

vessel material selection are

(1) Compatibility with the total environment

(2) Neutronic efficiency of the reactor

(3) Weight for a flight engine

(4) Fabricability

The materials considered were aluminum alloys, 6061-T6 and 6071-T6; Inconel

X-750; titanium alloy Ti-6A1-4V; Zircaloy-2; and 304 stainless steel. They are dis-

cussed in the order of the preceding criteria.

The aluminum alloys require a limitation on maximum water temperature which re-

stricts the operational flexibility of the system. If the water purity is maintained, no

serious structural corrosion problems will be encountered with aluminum. Preoxidation

of the surfaces will minimize corrosion-generated hydrogen, but the resulting hydrogen

may require special consideration, as discussed in the section WATER MODERATOR

SYSTEM CHEMISTRY (p. 90).

The Zircaloy-2 material does not impose the water temperature limitation associated

with aluminum, and water purity is less of a problem. Zirconium is, however, subject

to hydriding, and many surfaces of the vessel are exposed to hydrogen. Specially criti-

cal are the pressure tubes and the outer tube sheet both of which are exposed to hydrogen

at moderately high temperatures and high pressure. Since hydriding results in embrittle-

meat and loss of toughness, protective coatings would have to be applied at least to these

components of the vessel.

Inconel, titanium, and stainless steel present no problems as far as the nonnuclear

16



environmentis concerned. They all are compatiblewith water and hydrogenat the oper-
ating conditions encountered.

Three primary criteria were consideredin the investigation of nuclear properties of
pressure vessel materials: (1) thermal neutron absorption cross section, (2) gammaheat
generation, and (3) radiation damage. Absorption cross section shouldbe minimized for
neutron economyin the reactor core. The pressure tubesare the primary concern in
this respect. Gammaheat generatedin the structure must bedissipated to prevent ex-
ceedingthe temperature capabilities of the materials involved. Radiationdamagecould
lead to degradationof physical andmechanical properties to the point where the useful
life of the structure is shortened.

Table 1 lists the macroscopicabsorption cross sections _a (cm-1) for the materials
investigated. Zircaloy-2 andthe aluminum alloys havethe lowest andbest in this respect.
Cross sections of the remaining alloys are of a higher magnitude and must be considered

as less desirable from a neutron economy basis.

The gamma heat generated in the pressure vessel material presents two problems:

(1) maintaining adequate coolant flow on the surfaces to remove the heat and give safe

working temperatures for the material, and (2) maintaining temperature gradients and

thermal stresses at reasonable levels. No single property of a pressure vessel material

can be used as an index of desirability in the presence of gamma heating. Low density

will result in a small amount of heat generated per unit volume. High strength will re-

duce the amount of material required. Low expansivity and modulus, and high conduc-

tivity will reduce thermal stresses. High ductility, desirable in any complicated struc-

ture to accommodate local stress concentrations, assumes additional importance in the

presence of gamma heating. None of the materials considered should suffer any radiation

damage for the exposures expected in this application.

The sink for the heat generated in the pressure vessel is either the water moderator

or the propellant. The water temperature range (650 ° to 700 ° R (361 ° to 389 ° K)) is for

the reference system with an aluminum pressure vessel. This temperature was main-

tained in order to keep the aluminum below 760 ° R (422 ° K). If a material with a higher

permissible operating temperature were used, a higher water temperature could be tol-

erated. This would provide an advantage in heat exchanger size and/or operation flexi-

bility with regard to icing.

Data were compiled for mechanical properties of each of the materials considered

for use in the pressure vessel. Representative values of manufacturer's data are pre-

sented in figure 15. They were used in calculations presented in this section for deter-

mining the suitability of the materials.

Hoop stresses due to both pressure loads and temperature gradients were calculated

in the outer cylindrical shell portion of the pressure vessel for three of the materials

under consideration, 6061-T6, Zircaloy-2, and Inconel X-750. Operating conditions for
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the reference designwere used in the aluminum calculations. For the InconelX-750 and
Zr-2 cases, higher water temperatures anda counterflowheat exchangerwere assumed.
For these two materials, it was also assumedthat a higher heat-transfer coefficient
couldbe maintained in the water flow passages. Thesevariations are reflected in the
temperatures, pressures, andheat-transfer coefficients used in calculations for eachof
the three materials. A summary of values usedin eachcase is given in the following
table:

Material

Aluminum 6061-T11

Z ir caloy- 2

Inconel X-750

Water pressure

psia N/cm 2 abs

a505 348

700 483

700 483

Water

temperature

oR oK

644 358

740 411

740 411

Heat-transfer coefficient

Btu J

(hr)(ft 2) (OR)

1845

2680

2680

aLatest reference-design value is 534 psia (368 N/cm 2 abs).

(hr) (m2) (°K)

3.78><107

5.48><107

5.48x107

Heat-

generation

rate,

W/g

2.65

4.00

2.65

2.65

In all cases, it was assumed that all heat generated in the vessel wall flowed inward

to the water coolant. Maximum stresses occur at the inner surface of the vessel where

both thermal and pressure hoop stresses are tensile. No axial temperature gradients

were considered. Modulus, expansivity, and conductivity values were determined at av-

erage wall temperatures. In calculating thermal stresses, the curvature of the shell was

ignored, and a flat plate was assumed. Since wall thicknesses are small, heat-generation

rates were assumed constant through the material.

Temperature levels and gradients in walls of various thicknesses were determined

by using the assumed values of water temperature, heat-transfer coefficient, and heat-

generation rate as given in the preceding table. The results are shown in figure 16 and

indicate the great importance of low density and high thermal conductivity. Aluminum

shows little temperature gradient; Zr-2, with the worst combination of density and con-

ductivity, requires the largest gradient among the materials considered to transfer the

generated heat.

The maximum thermal stresses resulting from these gradients were calculated for

various thicknesses by using the approximate relation

Ec_ 2 AT
(_max- 1- v 3

which results from a combination of (ref. 7)
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and

O'ma x

AT - qt2

2k

for uniform heat generation.

Pressure stresses were also calculated and added to the thermal stresses to give a

total tensile stress at the inner surface of the vessel wall. The results of these calcula-

tions for each of the three materials are shown in figure 17. Also plotted are the yield

strength and 0.8 yield strength values for the material at the average wall temperature

for each thickness of material.

Two preliminary criteria were adopted for determining an adequate design:

(1) The pressure stress must be no higher than the 0.8 yield point value.

(2) The combined pressure and thermal stress must be no higher than the yield point

value.

Application of these criteria indicate that the hot-rolled Zr-2 would not provide a

satisfactory design and that cold-worked material would have to be used. The minimum

required wall thicknesses for three materials are listed in the following table along with

pressure vessel weights relative to aluminum.

Material

Aluminum 606 l-T6

Inconel X-750

Zircaloy-2 (10 percent cold worked)

Minimum wall

thickness

in. am

0.42 1.07

.18 .46

.38 .96

Weight ratios

relative to

aluminum

1

1.31

1.97

The thickness estimates were made on the basis of parent material strength for all

the materials. Postwelding heat treatment of welds in 6061-T6 does restore parent ma-

terial properties and will be utilized in longitudinal and other joints wherever possible in

the structure. It may well be necessary, however, to employ an as-welded longitudinal

joint because of the complicated configuration. Under those circumstances, the common

technique of increasing the thickness in the immediate area of the weld must be utilized.

Included in figure 17(a) is a plot of as-welded 6061-T6 minimum yield strength. It indi-

cates that the local combined thermal and pressure stresses will exceed the yield stress
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in the region of the weld. Such a situation is not considered prohibitive because of the

conduction of heat from the local area and because of the ability of small strains to alle-

viate local thermal stresses. Figure 17(a) also shows thermal stress in aluminum with

two different heat-generation rates. As can be seen, errors in estimates of heating rate

will have negligible effects on total stress.

An examination of the physical and mechanical properties of 607 l-T6, 6AI-4V tita-

nium and 304L stainless steel would indicate that

(1) 6071-T6 would result in 25 percent lower weight than the 6061-T6.

(2) 304 Stainless steel does not possess enough strength in the annealed condition to

handle the combined pressure and thermal stresses.

(3) The 6A1-4V titanium alloy in the annealed condition appears to be an adequate ma-

terial for the stresses occurring in the pressure vessel. Such a vessel would probably

weigh less than the 606 l-T6 version.

The best pressure vessel material of those structurally suitable for use in a nuclear

rocket will depend on the permissible neutron cross section. As reactor power and core

size increase, the tolerable cross section becomes greater. The principal gains to be

realized from the use of the higher neutron cross section, higher temperature material

are higher moderator temperature and greater flexibility of powerplant operation. Until

the nuclear requirements allow use of a high-cross-section alloy, such gains cannot be

realized. Because fabrication problems that occur from using the cold worked Zr-2 alloy

in a complex structure may be quite severe, the only remaining low-cross-section mate-

rial of those considered is an aluminum alloy. Existing fabrication knowledge would

make the 6061-T6 alloy the safer aluminum choice.

The previous discussion assumed that the entire pressure vessel would be made of

the same material. A composite vessel in which the outer, more highly stressed mem-

bers were made of high-cross-section material, and the internal thinner members, such

as pressure tubes, were made of low-cross-section material might afford some advan-

tage. One potential advantage is that the reduced surface area of aluminum in the water

system will result in less corrosion-produced hydrogen in the moderator. If Zr-2 inter-

nal parts were combined with Inconel external pressure vessel components, this advan-

tage plus the higher moderator temperature advantages could be realized. Use of Zr-2

pressure tubes depends on the seriousness of the hydriding problem on the inner surface

of the tube and the possibilities of preventing deterioration. Stainless steel can be joined

to either zirconium or aluminum in simple tube configurations by using present technol-

ogy. The use of this type of joint configuration only would make possible a composite

vessel design in which internal members could be of low cross section.

Although the possibilities indicated previously do exist, the reference design still

utilizes an all-aluminum 6061-T6 pressure vessel. Its advantages are
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(1) Low thermal stresses
(2) Low weight
(3)Well- establishedcommercial fabrication techniques

BERYLLIUM REFLECTORAND SUPPORT PLATE

The beryllium reflector at the inlet end of the core is desirable to improve the axial

power distribution in the core. The use of this thick member to carry the fuel-element

drag and pressure loads across the inlet tube sheet is very desirable but such use de-

pends on the suitability of beryllium as a structural member. The reflector contains

holes for both the pressure tubes and the poison control tubes and is loaded primarily

normal to its diameter. The maximum stresses in this bending situation occur at the

flat surfaces in the ligaments between the holes. Stress concentrations are also present

and this situation requires a material with reasonable ductility. As previously pointed

out in the section MATERIALS (p. 10), forged beryllium seems to be a satisfactory mate-

rial. Therefore, the beryllium reflector was used as a structural member in the refer-

ence design.

The reflector is approximately 40 inches (1. 016 m) in diameter and is bolted to the

aluminum pressure vessel. The holes for the pressure tubes are 2.56 inches (6.5 cm)

in diameter and are spaced 3.16 inches (8.02 cm) between centers in a triangular array.

Six poison tube holes, 0.56 inch (1.42 cm) in diameter, symmetrically surround each

pressure tube. A plan view of a portion of the reflector showing the hole arrangement is

shown in figure 18.

Calculations of drag, pressure drop, and axial acceleration loads on the maximum

performance fuel assembly yielded a value of approximately 330 pounds (1470 N). The

pressure of the hydrogen above the inlet tube sheet is approximately 710 psi (490 N/cm2),

and the pressure in the water below the reflectol- plate is about 610 psi (421 N/cm2). In

considering the pressure loads, the thin aluminum inlet tube sheet was assumed to trans-

mit its portion of the loads through the pressure tube collars to the reflector. Stresses

were calculated in a 3-inch-thick (7.62 cm) inlet end beryllium reflector plate, since this

is a reasonable thickness from the standpoint of core neutronics.

These stress calculations were made considering the 100-psi (69.0 N/cm 2) Ap load

acting on the solid areas of the plate and a 330-pound (1470 N) load acting conservatively

at each of the 121 pressure tube locations. The total force was converted to a uniform

equivalent pressure loading on the surface of a simply supported solid plate with equiva-

lent values of modulus of elasticity and Poisson's ratio.

The equivalent properties were determined according to the method of O'Donnel and

Langer (ref. 8). For a ligament efficiency (ligament thickness divided by hole spacing)

of 0.190, the equivalent Poisson's ratio based on a value of 0. 030 for beryllium is 0. 097.
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The equivalentmodulus is 0.13 times the normal beryllium modulusof 42><106psi
(2.9x107N/cm 2) or 5.46x106psi (3.76x106N/cm2). For a simply supportedplate, the
maximum stress occurs at the center, and the radial stress is equal to the tangential
stress. The central stress in an equivalent flat plate is 4400psi (3.04><103N/cm2), the
averagestress in a central ligament of a plate with holes is 23300 psi (1.61x104N/cm2),
andthe peakstress in the sameligament is 28 800psi (1.99><104N/cm2).

The poisontubeholes result in secondaryligamentsbetweentheseholesand the main
holes. An empirical methodfor determining the stresses for sucha situation is given in
reference 9. This methodconsists of multiplying the main ligament stresses by the ratio
of the main ligament efficiency to the secondaryligament efficiency. For our case, the
latter efficiency is 0. 162,and the resulting multiplying ratio is 1. 185. Thesenumbers
result in an averagestress of 27600 psi (1.9><104N/cm2) anda peak stress of 34000psi
(2.34><104N/cm 2) in a centrally locatedligament.

Sincecoolingwater is in contactwith both flat surfaces of the reflector plate and
water flows betweenthe pressure tubesandthe pressure tubeholes, the temperature
gradients in the beryllium will be quite small. An estimate of the radial temperature
gradient arounda pressure tube holewith 20watts per gram of heat generation in the
beryllium yielded a 2° R (1.11° K) AT. This sort of gradient results in insignificant
stresses.

It would, therefore, appear that beryllium forged at 2060° R (1145° K) with the fol-
lowing properties

Tensile ultimate strength, psi; N/cm 2 ................. 72000; 4.96x104
Percent elongationat fracture .............................. 11
Tensile yield strength (0.2 percent offset), psi, N/cm2 ........ _36 000; 2.48x104

shouldbe adequatefor construction of the load carrying reflector plate.

FABRICATION OF HEATEXCHANGER

The reference-design heat exchanger consists of six fine geometry aluminum sec-

tions incorporated into the reactor pressure vessel. The tubes are 3/8 inch (0.952 cm)

in outside diameter with a 0.035 inch (0.89 mm) wall thickness and are spaced on

0. 475-inch (1.21 cm) centers. The tubes are fabricated of 6061-T6 aluminum and are

40 inches (1.016 m) long.

In order to study the feasibility of the reference design from a fabrication standpoint

and in order to produce heat exchangers for testing under operating conditions, various

methods of producing such devices were investigated. The principal problem in the fab-

rication was producing the leak-tight joints between the tubes and the tube headers with-
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out completely destroying the strength of the heat-treated aluminum.
Calculations madewith an assumedtubewall temperature of 490° R (272° K) and a

shell temperature of 660° R (367° K) resulted in a load of 490pounds(2200IN')and a
stress of 12900psi (8.90><103N/cm2) in the tubes. It was therefore desirable to main-
tain the tubes in at least a T4 heat treat condition (21000psi (1.44x104N/cm 2) yield
strength).

Two methodsfor producing satisfactory joints were developedandbothwere usedto
produce19-tubeheatexchangersusedin the tests described in section V. WATER

FLOW SYSTEM (p. 71). Various views of the completed test devices are shown in fig-

ure 19.

Salt bath brazing was used in the first method to join the tubes to the headers. Tube

header thickness was about equal to tube diameters, and 0.003 to 0. 005 inch (0.0762 to

0. 127 mm) diametral clearance was allowed between the two. A braze alloy of 88 percent

silicon was applied as a slurry to each header. Approximately 1/2 inch (1.3 cm) of the

adjacent tube length was dipped in a 1570 ° R (873 ° K) salt bath for 4 minutes. To re-

store tube strength, the brazed assembly was annealed at 1350 ° R (750 ° K) for 15 min-

utes and air quenched. This process was followed by aging at 810 ° R (450 ° K} for

16 hours. The tubes had strengths comparable to the T4 heat treat condition. The tubes

were then straightened by stretching them approximately 0.6 percent, which further in-

creased the tube strength.

The second and preferred method for making the tube to header joint consisted of

rolling the tubes into the sheets and then heliarc welding a seal weld at each outer header

surface. Tube spacers were also rolled into position on the tubes.

To eliminate the guesswork in rolling and to ensure consistent tube tightness, an

available retractive-type tube roller was tried. This type of roller extrudes metal in one

direction only as it progressively expands the tube to a fixed inner diameter. Tests were

run with single tube-header samples to determine the proper initial clearances and diam-

eters of the header and tube for the strongest joint. Too much expanding or rolling re-

sulted in the rollers binding in the tube and header and having to be cut out, or in flaking

of the inner surface. Too little rolling (large header to tube clearance) resulted in weak

joints. The strongest joint, which still did not gall the tubes, allowed a 0.006-inch

(0. 1524 mm) diametral clearance between the outside diameter of the tube and the inside

diameter of the header before rolling and an apparent interference of 0. 006 inch

(0. 1524 mm) after rolling.

Two modifications were incorporated to increase the strength of the as-rolled joints.

Grit blasting the tube end outer surface and the surface of the hole in the header to a

100-microinch (2.54 #m) rms finish resulted in joint strengths of over 1000 pounds

(4448 N). When the inside surface of the hole in the header was circumferentially

grooved prior to rolling, the tube yielded before the joint loosened.

r 1
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It was necessaryto add filler material to makethe electron-beam seal weld between
the tube endandthe header surface to avoid cracking. A filler of 4043aluminum was
provided in the form of a weld-deposited inlay onthe headersurface. The geometry of
the final tube joint used is shownandthe groovedimensionsbefore rolling are given in
figure 20. The tube endandinlay configurations are shownas-machinedbefore seal
welding.

A 30-kilovolt, 250-milliampere Sciakyelectron-beamwelder wasusedwith the fol-
lowing parameters:

Voltage, kV ........................................ 30
Current, mA ....................................... 9
Weld speed, in./min; cm/min ............................ 37; 94
Beamdiameter (approximate), in., mm ................... 0.015; 0.38
Numberof passes...................................... 2
Vacuum, torr; N/cm2 410-4; 1.33×10-2
Focusingcoil, in. ; cm ............................. 1.5; 3.81
Focusingcurrent (dc), A ................................ 5.2

The seal welding operation reducesthe strength of the as-rolled joint. Thoughthe
resulting strength of the weldedjoint is adequate,possible techniquesfor eliminating this
degradationwere explored. Rerolling thewelded joint after agingat 810° R (450° K) for
16hours restored as-rolled strength anddid not result in loss of sealing or evidenceof
cracking.

Samplesof the principal componentsof the test heat exchangersshownin figure 21
are the shell, tubeheader, tubes, and tubespacers. The tube spacers are used to posi-
tion the tubeswith respect to eachother and the shell. Samplespacersare shownboth
on andoff the tubes. They are positionedon the tubeby rolling the tube in the region of
the spacers usingthe sameexpanderthat wasusedfor the header joint. Various preroll-

ing clearances were tried to determine the holding strength and the expansion of the out-

side diameter of the spacers after rolling. This was done to determine the clearance re-

quired for strength and the change in spacer diameter after rolling so that a tight post-

rolling assembly could be achieved. A clearance of 0.001 inch (0.0254 mm) on the diam-

eter resulted in onset of sliding under a 90-pound (405 N) axial load on the spacer rings

and was considered satisfactory. These joints were tested for 10 cycles between 672 ° R

(373 ° K) and liquid-nitrogen temperature without any loss of strength. Exposure to boil-

ing water for 10 hours increased the joint strength and this increase persisted through

the same sort of cycling described previously. The expansion of the outside diameter of

a plain ring type spacer with 0.027-inch (0.94 mm) wall thickness is 0. 005 inch

(0. 127 mm).

Figure 22 shows the three different styles of spacers used to keep the tubes sup-
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ported in the shell. The six tabbedspacers are usedon the central tube in the hexagonal
array. The other two typesare usedin the outer row of tubes. The spacers are ar-
ranged in two different cross-sectional patterns, eachblocking 20to 24percent of the
total flow area. The axial distancebetweenthe patterns is 2 inches (5.08 cm). Eachset
of two patterns represents a support point andthe sets are arranged so that there are
8 inches (20.3 cm) betweensupport points. Calculations indicated that sucha spacing
was required to prevent tube instability dueto hydrodynamicforces in the exterior water
flow.

To prevent the tubes from rotating andtwisting during the rolling operation, a slot
was machinedin the extendedtubeendsas shownin figure 21. A fixture was madeto
orient the tube spacers with the slot. The headerswere slipped over the tube endsand a
comb-type fixture was fitted betweenthe tubes engagingthe slots to prevent rotation.
The slotted tube endis machinedoff prior to electron-beamwelding.

The test heat exchangerfabrication procedureused is as follows:
(1) Fabricate shell, header flanges, completewith 4043aluminum inlay, tubes, and

spacers.
(2)Assemble spacers to tubesand roll lightly to hold spacers in position.
(3) Assembletubesand spacers in shell andinstall headersover tube ends.
(4) Heliarc weld headersto shell beingcareful not to overheatcomponents. (After

alinement of header in shell, tubes canbedisengagedfrom one headerat a time while it
is weldedto shell. )

(5)Roll tubes into headersusing fixture to avoid rotation.
(6) Finish rolling spacersto tighten bundlein shell.
(7)Machine tubeand headerendsto proper configuration for electron beamweld.
(8) Electron beamweld tube endsto header; age andreroll°
(9) Finish machineendflanges.
The test heat exchangerssuccessfully operatedbothat normal conditions andduring

a larger number of off-design andtransient conditions (seesection onHEAT EX-
CHANGEREXPERIMENTS,p. 86). It is, therefore, felt that the incorporation of a fine
geometry aluminum shell-and-tube heatexchangerinto the pressure vessel structure
shouldbea feasible approachto the system arrangement.

E

k

q

SYMBOLS

modulus of elasticity, psi; N/cm 2

thermal conductivity, Btu/(ft) (hr) (OR); J/(hr)(m) (OK)

heat-generation rate, W/g
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AT temperature difference across plate thickness, OR;OK

t plate thickness, ft; cm

c_ thermal coefficient of linear expansion, in./in./OR; cm/cm/OK

u Poisson's ratio

-1
Za macroscopic absorption cross section, cm

III. FUEL-ELEMENTASSEMBLY DESIGN

The general arrangement of the fuel-element assembly is discussed in the section

FUEL ASSEMBLIES, and arrangements using both the fine geometry honeycomb and the

concentric cylinder designs are shown in figures 6(a) and (b). This section deals with

some of the problems associated with the fuel-element assembly and solutions to these

problems. The areas of consideration are the structural and vibrational behavior, insu-

lation between the hot fueled material and the aluminum pressure tubes, heat transfer in

regions where these components must be bridged for structural reasons, and heat trans-

fer to the propellant. A variety of design and analytical studies and experimental pro-

grams have been conducted in these areas. Although the results of all these studies have

been taken into account in the reference design, this section treats only part of the total

effort on fuel-element assemblies. Additional material is given in references 1, 10,

and 11.

STRUCTURALCONSIDERATIONS

The individual fuel stages are positioned axially and radially by a series of radial

pins joining them to the axially continuous support tube. The fabrication and assembly of

this sort of stage support should pose no problems. Each support tube can be loaded and

pinned outside the core before insertion into the pressure vessel. The relative radial

expansion between the support tube and the hotter fuel stage should result in no thermal

stresses in either member as long as the pins remain free to slide in the fuel stage. At

the higher temperature stages, it is likely that some bonding will occur between the pins

and the fuel stage unless steps are taken to prevent it. The maximum relative radial

growth between the support tube and the fuel stages is near the cooler end of the core

where bonding is not as likely to occur. The occurrence of bonding may result in an un-

desirable situation, such as
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(1) A bondstrong enoughto causethermal stresses large enoughto causefracture of
the support tube or fuel stage

(2) A weak bond, repeatedfracture of which, as the reactor is cycled through several
power operations, causesa galling of the bearing surfacesand subsequenthigh
resistance to sliding

Either of these situations is noworse than the consequencesof a design in which no
allowancefor expansionis initially provided. The possibility doesexist that bondingcan
be preventedby coating oneof the contactingsurfaces. Tests at 3860° R (2145° K) on the
compatibility of zirconium oxide andtungstenat a contactpressure of 50psi (34.5N/cm2)
indicates no tendencyto bondandno reactions betweenthe two materials after a 2-hour
exposure (seesection on COMPATIBILITY OF TUNGSTENAND ZIRCONIA, p. 55).

The support tubewhich holds the fuel stages is probably the most critical item in the
fuel assembly. It is subjectedto axial tensile loads resulting from the aerodynamic
forces on the stages, bendingloads dueto lateral forces, and internal pressure loads.
It must operate at temperatures from 300° R (167° K) to 4500° R (2500° K). An attempt
was madeto reducethese loads as muchas possible in the hotter regions. By supporting
the tubeaxially at the cold end, the stresses dueto the aerodynamic loadswere mini-
mized at the hot end. The pressure differential across the tubewas minimized at the hot
endandalso madeto act from inside to outsideto eliminate buckling. This was accom-
plished by venting the insulating spaceoutsidethe tube to core exit pressure and sealing
the spaceat the cold end. The calculated aerodynamic loads on the stagesvaried from
3 pounds(13.3 N) at the first stageto 20 pounds(88.9 N) at stage26. The maximum
pressure differential across the tubewall is 124psi (85.5 N/cm 2)at the first stage. For
the 0.015-inch C0.381mm) wall thickness of the reference design, axial andpressure
loads represent small values of stress. The major problem with regard to stresses in
the support tubeare the bendingstresses resulting from lateral loads on the thin-walled
tubeapproximately 55 inches (1.4 m) long.

The lateral loads are the result of maneuveringor vibration. A variety of lateral
supports are used in the reference design, oneat eachend andothers at various axial
positions. The cold endof the support tube is clampedto the inlet tube sheetof the pres-
sure vessel to carry bothaxial and lateral loads. At the hot end, the support tube is sup-
ported laterally by four lugs which engageslots in a portion of the pressure tube. This
arrangementallows for the large relative axial expansionbetweenthe support tubeand
the pressure tube. Figure 23showstwo views of the details of this support. The refer-
encedesignalso incorporates a spring support betweenthe support tubeand the pressure
tube locatedapproximately 24 inches (61cm) from the inlet tube sheet. This spring is a
corrugated tungstensheetmetal spring whoseinside diameter bears on the support tube
andwhoseoutside diameter bears on the pressure tube. The sheet thickness is 0. 005
inch C0.127ram) and the spring length is 1.50 inches (3.81 cm) and there are 12 lobeson

I
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the circumference. The calculated operating temperature of the supporttube at this axial
position is 2000° R (1110° K), andthe relative radial expansionbetweenthe support tube
and the pressure tube is only 0.002 inch (0.058 mm). Calculationsbasedonconservative
assumptionsindicate that resulting stresses are less than 10000psi (6.9><103N/cm2).
Shownin figure 24are the mechanicalandphysical properties of tungstenat elevated
temperatures used in calculating stresses anddetermining acceptability of designs. The
fact that this stress level offers no problem evenif the entire spring reaches supporttube
temperature hasbeenexperimentally verified, as reported in reference 1.

The relative radial expansionbetweenthe support andpressure tubesdoesnot pre-
sent any problem at this location. At the hotter regions of the support tube, the stresses
in the spring dueto differential expansionbecomeprohibitively large. Therefore, the two
additional spring lateral supports locatedat 34and 45 inches (86.4 and 114cm) from the
inlet tube sheet (fuel stages16and22)are installed with initial clearancebetweentheir
maximum diameter andthe inside diameter of the pressure tube. This clearancewill be
set so that the spring engagesthe pressure tubeat operatingtemperature. In this way,
the spring will offer support during reactor operationwithout havingto absorb large rel-
ative radial growths. This approachis possible only becausevibration tests indicate that
the onecentrally locatedlateral support spring is adequateto keep stresses resulting
from booster-induced vibrations downto acceptablelevels for the support tubeat room
temperature.

FUEL-ELEMENTSUPPORTTUBE VIBRATION TEST PROGRAM

Booster induced vibrations are a potential source of damage to the TWMR. Among

the reactor components expected to be most susceptible to vibration damage are the fuel-

element assemblies and the fuel-element support tubes. Early in this program, room-

temperature vibration tests were conducted on mockups of concentric cylinder fuel stages

constructed of recrystallized tungsten. Specimens withstood vibration acceleration loads

(14 g's) in excess of expected boost phase loads for more than 12 minutes without crack-

ing.

The problem of determining vibration-induced deflection and stresses in the fuel-

element support tubes was undertaken both analytically and experimentally (refs. 10

and 11). Since the reactor will not be operating at boost, room-temperature vibration

tests were deemed satisfactory for determining behavior during this phase of flight.

Test assemblies consisting of the support and pressure tubes and one, two, and three

lateral support springs in the annular gap, with and without a water annulus around the

pressure tube, were subjected to lateral vibration tests. Stress, as measured with

strain gages mounted on the surfaces of the support and pressure tubes, was the index of

t
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operational suitability. Thesetests demonstratedthe feasibility of greatly reducing sup-
port tubebendingstress at a small sacrifice of increased pressure tube bendingstress,
as described subsequently.

A search of available large-booster (suchas Saturn V) test-program reports yielded

information indicating that typical lateral vibration inputs to the booster payloads might

range as high as 1 g in magnitude through the frequency band from 5 cps to 2 kcps (5 Hz

to 2 kHz). On the basis of the then available data, the following vibration testing levels

were adopted:

Frequency band Input magnitude

5 to 12 cps

(5 to 12 Hz)

12 cps to 2 kcps

(12 Hz to 2 kHz)

0. 0675 in. (1. 715 mm) peak displacement

(0. 172 to 0. 993 g peak acceleration)

1.0 g peak acceleration

Description of Test Specimen

The support tube model used in this test program (fig. 25) was designed to simulate

dynamically the current reference design. The tube is a stainless-steel - molybdenum -

tungsten assembly 54.25 inches (138.8 cm) in length. The materials were joined with

silver solder, with the stainless-steel - molybdenum and molybdenum-tungsten joints re-

inforced by 0.25-inch-wide (6.35 mm), 0. 015-inch-thick (0. 381 mm) circumferential

molybdenum straps.

The 8.5-inch-long (21.6 cm) section of stainless steel at the entrance end of the tube

was designed to have the same total mass as the corresponding section of the reference-

design tube including the effective mass of the beryllium plug. Twenty-six steel cylin-

ders weighing 0.86 pound (390 g) each were substituted for the fuel stages at the appro-

priate locations along the tube length. These weights were held in the support tube by

two pins whose axes are normal to the direction of shake. They were press fitted into

the steel cylinders and were joined to the support tube with silver solder and epoxy rein-

forcing. This method of supporting the weights afforded certain advantages in fabrication

and was considered to be an adequate simulation of the design configuration for these

tests for the following reasons:

(1) Pins located with axes normal to the direction of vibration have little or no direct

effect on the lateral rigidity of the support tube even though the pin ends are fastened to

it. There is some secondary effect at high lateral displacements due to their tendency to

keep the tube round.

(2) Strain gage measurements at the positions of maximum stress are not signifi-
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cantly affected by local stress perturbations in the vicinity of holding devices located on
the neutral axis of the support tube.

The pressure tubeused in the test was fabricated from aluminum tubing andhada
2.50-inch (6.35 cm) outsidediameter, a 0.060-inch (1.52 mm) wall thickness, and meas-
ured 53 inches (1.35 m) in length.

The lateral support springs were formed from 0.005-inch-thick (0. 127mm),
1.0-inch-wide (2.54 cm) tungstenstrips by pressing 11corrugations into eachstrip and
then fasteningthe endsof the strips together with a staple to obtaina corrugatedcylinder
with a minimum inside diameter of 2. 132inches(5.41 cm), a maximum outsidediameter
of 2.38 inches (6.05 cm), andan axial lengthof 1.0 inch (2.54 cm). Vibration character-
istics of suchsprings are given in reference 1.

A vibration table fixturing schemewasdevisedwhereby the tubewas rigidly clamped
over its circumference alonga 1.0-inch (2.54 cm) axial spanat the entranceendand
simply supportedby a narrow bearing surface located0.5 inch (1.27 cm) from the exit
end. This schemewas consideredto be nearly identical to the actual support scheme
employedin the then current reference design. The fixture was also designedto afford
clampedsupport to each endof the pressure tube.

Test Setup and Procedure

The vibration testing of the fuel-element support tube was conducted in two steps. In

the first step, a partly instrumented tube was subjected to the specified vibration envi-

ronment with no lateral support devices along its length and with no pressure tube pres-

ent to limit displacements. Figure 26 shows the locations of the strain gages and accel-

erometer for this test. The second series of tests included a more fully instrumented

version of the same support tube with the addition of lateral support springs, pressure

tube, and a water jacket around the pressure tube. Figure 27 shows the locations of the

support tube strain gages and lateral support springs for this portion of the test. The

support tube strain gages located at the 2-inch (5.08 cm) station and the accelerometer

located at the 30-inch (76.2 cm) station in the first series of tests (see fig. 26) were re-

moved before the second series because of space limitations in the annular region be-

tween the support tube and the pressure tube. Figure 28 shows the locations of the strain

gages on the aluminum pressure tube.

The holding fixture, shown in figure 29, was designed to have a fundamental natural

bending frequency of about 1900 cps (1900 Hz). However, vibration tests conducted on

the empty fixture showed the presence of resonant frequencies as low as 480 cps (480 Hz).

It was determined experimentally that the fixture was usable to about 1 kcps (1 kHz) by

controlling the table input with an accelerometer located at the end of the fixture. With



this modeof table control, both endsof the fixture couldbe driven in phaseat the desired
amplitude. Closeto 1kcps (1 kHz), the endsof the fixture beganto moveout of phase
with eachother and an amplitude difference was detected. Onthe basis of fixture and
support tube responsedataup to 1kcps (1kHz), it wasdecidedto use the fixture with no
major changesince no significant support tube resonantresponseswere expectedto be
present above1kcps (1 kHz). Table 2 presentsa list of the equipmentused in the test
andthe usable range of this equipment.

The procedure used in the test runs was to subject the test specimento the specified
acceleration level while sweepingbetweenthe 5 cps and 1 kcps (5 Hz and 1kHz) frequency
limits at a rate of 1octaveper minute. The resonant frequencies in this bandwere de-
tected, andthen constantfrequencytests at 1g were run at various frequencies near and
at eachof the detectedresonances. The purposesof this procedure were first to detect
all resonancesin the bandof interest during the sweepand then to ensurea maximum
resonantresponseto the input during the constantfrequencydwells.

Test Results and Analysis

Vibration tests were run as described previously on several different configurations.

These configurations included the support tube by itself, the pressure tube by itself, the

two tubes together with no lateral support, and the two tubes together with one, two, and

three lateral support springs. All the runs except the run with support alone were made

with and without water outside the pressure tube. After the three-spring assembly was

tested, the spring 36 inches (91.5 cm) from the inlet end was removed for the two-spring

run. The only lateral support present in the one-spring test was located 24 inches

(61 cm) from the inlet end.

A summary of the first mode resonant response data is given in tables 3 to 5. In

addition to the low stress values exhibited in all the tests, even including those in which

no lateral support devices were included, several other points of interest can be noted.

The mass of the water has a significant effect on the natural frequency of the structural

members. The natural frequency of the aluminum pressure tube drops from 154 cps

(154 Hz) dry to 42 cps (42 Hz) wet. This tendency is also exhibited in the drop in natural

frequency of the entire assembly from about 53 cps (53 Hz) dry to about 39 cps (39 Hz)

wet. Also, although the addition of one lateral support spring reduces the stresses in the

support tube by a factor greater than 3.0, the addition of two more support springs of the

same degree of stiffness into the same central span of the tube has little extra effect on

the stress levels. Only the support spring closest to the inlet end of the reference design

has the same location as the corresponding spring in the cold tests.

Some calculations were made of natural frequencies to determine conditions of fixity.
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For the caseof the aluminum pressure tubeby itself, a calculation of natural frequency
for the clamped-clampedendsupport condition resulted in 209 cps (209Hz). Sincethis
value did notagree with the observedvalueof 154cps (154Hz), a clamped-pinnedsupport
casewas calculatedand resulted in 149cps (149Hz). It was therefore concludedthat al-
thoughthe fixture was designedfor the clamped-clampedsupport, the aluminum pressure
tubewasactually beingsimply supportedat the outlet end. The natural frequencyof the
supporttube as a clamped-pinnedbeamwas calculatedto be 41 cps (41Hz). The agree-
ment betweenthis value andthe 40 cps (40Hz) observedconfirms that the fixture design
in this casedid accomplish its objective of clamped-pinnedsupport.

An attempt to determine if the strain gageswere actually measuringclose to the
maximum stress in the support tubewas also madeby calculations of the stress distribu-
tion in sucha member undera static loading. For this calculation, it was assumedthat
there wasone lateral support at anaxial position 25 inches (63.5 cm) from the inlet end.
The spring constantof the resulting compositesupportwas estimated by using a meas-
ured static spring constantof the spring devicesandthe rigidity of the aluminum tube
assuminga series arrangement for the two springs. The estimated effective spring con-
stant for this compositesupportwas 1180poundsper inch (2060N/cm). The results of
this calculation are plotted in figure 30normalized to the maximum calculatedstress.
The stresses measuredin the test runs involving the dry assemblywith andwithout
springs were normalized to eachof their maximum measuredvaluesandare plotted in
the samefigure. A comparisonof the calculatedandmeasuredstress distributions indi-
cates that there are probably no steepgradients in the region of high stresses that are
not beingpickedup by the strain gages. Therefore, the stresses measuredin the tests
shouldbe close to the maximum, andtheir low levels indicate satisfactory performance
during boost.

While no rigorous error analysis hasbeenmade, the worst caseaccumulationof the
maximum inaccuracies specifiedby the manufacturers of the instrumentation equipment
would indicate a possible error of +10 percent in the stresses read on the recorders.

Spring Constants and System Damping

The spring constants of the pressure tube, the support tube, and the lateral support

devices will determine the overall spring constant of the reference-design fuel assembly.

While the geometry of the tubes is relatively straightforward, the degree of fixity present

in the end supports is not so easy to predict, as shown in the section Test Results aad

Analysis (p. 31). In the case of the corrugated spring devices used for auxiliary lateral

support, the geometry is quite complex, and spring constants are best determined exper-

imentally.



Suchtesting was doneboth statically and dynamically, andthe results are reported in
reference 1. Static loading of corrugated springs resulted in nonlinear spring rates, with
valuesat low deflections muchhigher than thoseat moderatedeflections. The effective
spring rate of the lateral support device in a vibration situation is therefore a constant
over a small range of relative deflectionsbetweenthe support tubeand pressure tube.
The high spring rates of the corrugated deviceswould tend to result in effectively constant
behavior in the presenceof low loadsor a relatively flexible pressure tube.

Digital computer calculations (ref. 10)were madeof the vibration behavior of oneof
the mockupfuel assemblies tested. Effective spring constantsfor the lateral supports
were assumedto be aboutonequarter of the maximum values determinedfrom static and
vibration tests on individual springs. The resulting stresses were in the samerangeas
thosemeasuredfor the sameconfiguration.

Another important characteristic of a vibrating system is damping. Three different
types of dampingare present: friction, internal material, andviscous damping. Viscous
dampingis the result of relative motion betweenthe pressure tubeand thewater moder-
ator. The test results havenot beenusedto determine quantitatively any of these individ-
ually or in combination. It is obvious, however, that enoughtotal dampingis present to
prevent resonantdestruction of the fuel assemblyunder expectedboost vibration loads.

Vibration Tests of Operating Temperature Fuel-Assembly Mockup

The determination that no unreasonable stresses resulted from expected boost vibra-

tions with only one corrugated spring lateral support between the support and pressure

tubes was important in the reference design. Since the one support required to be in con-

tact with both the pressure and support tubes during boost is in a relatively cool region of

the reactor, differential expansion problems are not severe. Any additional springs re-

quired in the hotter regions during operation can be installed with initial radial clearance

to avoid destructive thermal stresses when operating temperatures are reached.

Two such additional springs are included in the reference-design fuel assembly

shown in figure 5. Room-temperature vibration tests on a mockup of this assembly were

also run using essentially the same test setup described in the section Test Setup and

Procedure (p. 30). The mockup in this case included a pressure tube support at the ori-

fice plate location (see fig. 5) as well as three corrugated spring lateral supports between

the tubes. Materials used for the support tube and springs in the mockup were selected

to give the same dynamic properties as the actual members at operating temperature.

Springs were fabricated of molybdenum, and the support tube consisted of axial sections

of stainless steel of tapering thickness, Monel 400 and 70-percent-copper 30-percent-

nickel alloy.
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After locating the natural frequency of the assembly, a 1.0-g lateral acceleration

was imposed at that frequency, and strain gage measurements were made at various po-

sitions along both the support and pressure tubes. Although attempts made at calculating

these stresses indicate that higher than allowable stresses will exist (see refs. 10 and 11),

such calculations are extremely dependent on assumed values for various types of damp-

ing. Results of testing the mockup of the hot support tube showed stresses in a

0. 015-inch-thick (0.0381 cm) support tube to be well below the yield point of recrystal-

lized tungsten at operating temperature.

INSULATION BETWEENFUELASSEMBLY AND PRESSUREVESSEL

The proximity of high-temperature fuel assemblies and cool water moderator is an

inherent part of the basic concept being dealt with. To minimize heat transferred to the

water under these large temperature gradients and to maintain reasonable pressure ves-

sel temperatures, insulation between the fuel assembly and the aluminum pressure ves-

sel is necessary. The portions requiring maximum insulation are the pressure tubes

and the outlet tube sheet.

Since gamma heating of any insulating materials increases the heat being transferred

to the water, the use of a stagnant hydrogen insulation gap was adopted as the primary

insulation technique in both these areas. This section is concerned with the heat trans-

ferred through this insulation gap. Since it is necessary to connect the hot and cold parts

across the insulation gap in some regions, heat transfer in these regions is also dis-

cussed.

Heat Loss to Pressure Tube

A layer of nonflowing gas is maintained for insulation in the annular space between

the pressure tube and the support tube. The hydrogen has access to this annulus through

an opening located at the outlet end of the fuel assembly. The low thermal conductivity

of the hydrogen will maintain a large temperature difference between the support tube and

the pressure tube. There is no forced convection; therefore, the modes of heat transfer

include conduction, radiation, and free convection.

It is desirable to minimize free convection in order to increase the temperature dif-

ference maintained across the insulation gap and also to reduce the uncertainties in cal-

culating heat transfer in the annulus.

A heat-transfer computer program is used for heat-transfer calculations within the

fuel assembly, including the heat loss from the support tube to the pressure tube through
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the insulation annulus. The program neglects free convectionin the annulus. The value
of heat loss across the insulation is obtainedas a sum of the amountsof heat transferred
by radiation andby conduction. It is desirable, therefore, to makeseparatecalculations
of the significance of the neglectedfree convectionunder the conditions present in the ref-
erencedesign.

This problem is discussedin reference 12where it is notedthat the free-convective
heat transfer in a fluid enclosedby two vertical walls is dependenton the height of the
fluid layer as well as on its thickness. For situations in which the height of the gapbe-
tweenvertical walls is large comparedwith its thickness, the heat transfer is equalto
that which canbe calculatedfor pure conduction. The following inequality is given as the
criterion for suchbehavior:

GrsPr < 12___44(0.952+ Pr) Lm
Pr S

The value of GrsPr in the reference designvaries with axial position since the tem-
peratures of the pressure tube, support tube, and stagnanthydrogenin the gapbetween
them varies alongthe core length. This productwas determined basedon the results of
calculations discussedin the sectionHEAT TRANSFERTO PROPELLANT(p. 41)and is
plotted in figure 31as a function of axial length of the fueledzone of the reference design.
Earth gravity was usedin the Grashofnumber evaluation.

The plot of GrsPr is showndashedfor axial positions less than 3.75 inches
(9.52 cm) from the inlet endof the fueledzone. In that inlet region, the still-cold pro-
pellant is keepingthe supporttube temperature belowwater temperature. Heat is there-
fore being transferred from the pressure tube to the support tubesunder these circum-

stancesandabsolutevaluesof GrsPr are presentedin the figure.
The highest value shownon the solid portion of the curve is 2100at approximately

8.0 inches (20.3 cm) from the inlet end. An evaluationwas madeof the right side of the
given inequality using the designvalue of Lm = 3.5 feet (1.07 m) for the fueled region

length of the support tube, S = 0.01 foot (3.05 cm) and the local value of Pr = 0.670.

The resulting value, 105 000, being much larger than 2100, indicates that free convection

is in fact negligible. This is also true for the position of maximum GrsPr in the inlet

region for which a similar comparison was made.

The calculations of the heat transferred from the fuel assembly through the stagnant

hydrogen gap, considering only conduction and radiation, showed that relatively small

amounts of heat are lost to water. Of the total heat transferred to the gas in all 26 fuel

stages of an assembly, 0.15 percent goes into the water. Less than 1.0 percent of the

heat produced in the final stage is transferred to the water. The resulting heat flux on
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the surface of the pressure tube in the region of the final stageis approximately
80000Btu per hour per squarefoot (9.1×108J/(hr)(m2)).

Outlet Tube Sheet Insulation

The outlet tube sheet is a critical item in the reactor structure. To minimize me-

chanical loads on this member, the pressure in the outlet water plenum will be main-

tained equal to the core exit gas pressure. To minimize internal gamma heat generation,

the material is made as thin as is reasonable, 0.125 inch (3.17 mm). It is protected

from the hot gas in the nozzle by a tungsten radiation shield, and it is insulated from the

radiation shield with a stagnant hydrogen region. Details of this arrangement are shown

in figure 5.

A schematic diagram of the region of concern is shown in figure 32. It is apparent

that the problem of protecting the aluminum can be divided into two regions. In region A

(fig. 32), the tungsten radiation shield, which is heated by the 4460 ° R (2475 o K) hydrogen

by a convection process, is able to dissipate energy by radiation to the walls of the noz-

zle which are at a temperature of approximately 1660 ° R (922 ° K). As a result of this

mechanism, the aluminum temperature is relatively insensitive to the value of the gas-

side heat-transfer coefficient and the controlling parameter is the water-side coefficient

on the inner aluminum wall.

In region B, the tungsten support tube has a view only of itself, and thus radiation

cooling is not available here. Moreover, the water flow on the aluminum side is not re-

stricted by a flow divider at this location. As a result, the local water velocity and heat-

transfer coefficient will be less than those existing in that region where a water flow di-

vider is provided.

Initial one-dimensional calculations have been performed to evaluate various config-

urations that might be employed. However, any of these calculations require a knowledge

of heat-transfer coefficients at the gas and water interfaces.

The value of the hot-gas-side coefficient that has been used is the coefficient that

will exist at location B in figure 32. This coefficient has a value of approximately

1550 Btu per hour per square foot per oR (3.18><107 J/(hr)(m2)(°K)). The use of this

value for region A is probably not correct but will tend to be conservative.

On the water side of the aluminum, determination of heat-transfer coefficients is

complicated by the unusual flow geometry for the water. If the vertical sections of the

pressure tube are considered, the heat-transfer coefficient due to vertical water flow c_n

be derived from a Nusselt-type correlation:
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The heat-transfer coefficient for the flow divider geometry canbe comparedwith that
without the flow divider:

hw,2 \P2V2/ \Dll//

(.2.47 s( o.2  0.2
: _-_/ \1. 146/

= 0.478

The heat-transfer coefficient to the pressure tube with the flow divider geometry is

approximately 4800 Btu/(hr)(ft2)(°R) or 9.84x107 J/(hr)(m2)(°K5 . Thus, an estimate of

the coefficient on the water side without a flow divider at location B is

2280 Btu/(hr)(ft2)(°R) or 4.67×107 J/(hr)(m2)(°K) for an ideal water distribution.

In addition to the velocity component due to water coming down the flow dividers, the

water in the plenum will be flowing radially outward to the edge of the core. This type of

confis_uration has been studied before (ref. 135 but for Reynolds number values lower by

2 orders of magnitude than those existing in the plenum. If these data are extrapolated

to our conditions, the correlation used is

hw = 37011 + 0.0067(Tf - 4605]

0.6
Vmax

D 0. 4
O

= 37011 + (0. 0067)(250 ° R)] (10. 4 ft/sec50" 6

(2.62 in. )0.4

= 2750 Btu/(hr)(ft2)(°R) or 5.64><107 J/(hr)(m2)(°K)
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The heat-transfer coefficient that exists on the aluminum surface normal to the pres-

sure tubes is most uncertain. This type of geometry is neglected in the literature; the

bulk of work has been concerned with banks of tubes as opposed to the tube sheet holding

them together. As an approximation, the same heat-transfer coefficient can be used as

exists on the pressure tubes (2280 Btu/(hr)(ft2)(°R) or 4.67x107 J/(hr)(m2)(°K) to be con-

servative).

If the heat-transfer coefficients having the approximate values just given are used, it

appears that there are several means of insulating the tube sheet for protection from ra-

diation (location A in fig. 327. A 0.012-inch (0. 305 mm) sheet of tungsten can be used as

a radiation shield to dissipate energy to the nozzle walls.

The simplest of the insulating materials that might be employed is a stagnant layer

of hydrogen gas as is used to protect the pressure tube in the propellant channels. An

analysis is presented in Eckert and Drake (ref. 12) which correlates data taken with stag-

nant gas between two horizontal parallel planes and permits calculation of natural convec-

tion and conduction effects with an effective thermal conductivity.

A calculation of the heat transfer for such an arrangement under the reference con-

ditions indicates that a 0.125-inch-thick (3.17 mm) outlet tube sheet can be maintained

below 760 ° R (422 ° K). Quantities used in this calculation were

Water side coefficient, Btu/(hr)(ft2)(°R); J/(hr)(m2)(°K) ......... 2280; 4.67x107

Gas side coefficient, Btu/(hr)(ft2)(°R); J/(hr)(m2)(°K) .......... 1550; 3. 18><107

Bulk water temperature, OR; OK ......................... 700; 389

Gamma heating rate in aluminum, Btu/(hr)(ft3); J/(hr)(m 3) ..... 1.94x106; 7. 2×1010

This 0. 125-inch (3.17 ram) thickness is adequate to take the 100-psi (69 N/cm 2) load

which is assumed to be required for water circulation during startup and during afterheat

removal with no hydrogen flow.

Heat Transfer Through Lateral Support Devices

Required lateral support devices will have to bridge the insulating gap between the

hot support tube and the aluminum pressure tube. Therefore, the possibility exists that

the pressure tube will overheat in such regions. An analytical investigation was con-

ducted on the temperature distributions in the vicinity of two different types of lateral

support: a light spring and a more rigid support such as the one near the exit end of the

fuel assembly.

Because of the complex nature of the heat-transfer problem associated with the lat-

eral support structure, it is impractical (if not impossible) to make accurate calculations

without the aid of a multidimensional digital code. For this particular problem, a
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steady-state, three-dimensional program using a relaxation technique, was used. This

program allows internal heat generation and considers heat transfer by conduction, con-

vection, and radiation, all of which are significant in the lateral support problem.

For an initial study, a generalized V-shaped spring similar to the lateral support

was chosen (fig. 33) and the effects of varying the thickness, length, and contact resist-

ance were determined. In these calculations, values of certain items, such as heat-

generation rates and fuel, water, and hot gas temperatures, were assumed to remain

constant at levels determined from early reference-design calculations with no springs

present.

This analysis was made for a spring located approximately 1 inch (2.54 cm) up-

stream from the exit of the last stage. The following values were used in the analysis:

Fuel temperature, OR; OK ............................ 4700; 2610

Hot gas temperature, OR; OK .......................... 3660; 2030

Water temperature, OR; OK ............................ 710; 395

Gas gap thickness, in. ; mm .......................... 0.120; 3.04

Support tube thickness, in. ; mm ...................... 0.015; 0.381

Pressure tube thickness, in. ; mm ..................... 0.060; 1. 524

Gamma heating in tungsten, W/g ........................... 30.0

The values for fuel and hot gas temperatures were taken from results prior to those

shown in figure 39.

Material of the lateral support device and the heat-generation rate were assumed to

be the same as those of the tungsten support tube. The minimum grid (node) size, which

determines how closely a local temperature can be calculated and how much time a given

problem requires on the computer, was chosen to be 0. 005 inch (0. 127 mm) in the vicin-

ity of the contact point. The location of a given temperature which lies between two nodes

(e. g., the aluminum surface temperature) is interpolated to an accuracy of about half

this amount (i. e., to about +0. 0025 in. (0.064 mm)) and could result in a small discrep-

ancy between the quoted temperature and the value which could be obtained by using a

smaller grid size.

Some results of this study are shown in figure 34. For this set of calculations, the

dimensions of the lateral support spacer were held constant at t = 0. 007 inch (0.178 mm)

and L = 0.600 inch (1.52 cm, see fig. 33). The contact coefficients between the spacer

and the pressure tube and between the spacer and the support tube were varied over a

range representing the possible values which might occur if there were either perfect

contact (h = _) or if a thin gas layer separated the lateral support space from the tubes

(h _ 1000 Btu/(hr)(ft2)(°R) or 2.05×107 J/(hr)(m2)(°K)). An intermediate value of contact

resistance was also used.

As shown in figure 34, the presence of the support device does not affect the temper-
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ature significantly beyond0.25 inch (6.35mm) from the point of contact. In the immedi-
ate vicinity of the spacer, the temperature rise causedbya spacerwith perfect thermal
contact is twice as great as that in the casewhere a contact resistance of
1000Btu/(hr)(ft2)(°R) or 2.05)<107J/(hr)(m2)(°K) is assumed.

However, the variation in temperature dueto variations in contact resistance is
20° R (11° K), at most, andthe area of pressure tubeover 760° R (422° K) is aboutthe
samein bothcases. Sincecontact resistance is notan important factor, perfect contact
canbeassumed.

Isotherm showingthe temperature variation within the pressure tube for infinite
contactcoefficient are shownin figure 35. The size of the area of the pressure tube
which hasa temperature greater thanthe allowable limit is, therefore, 0.2 to 0.3 inch
(5.1 to 7.6 mm) wide (twice that shownin figs. 34and35 to accountfor symmetry) mul-
tiplied by the lengthof the spacer.

An additional series of calculationswas performed using different dimensionsfor the
lateral support device. The results are shownin figure 36and indicate that considerable
improvement is possible if the thickness t of the material is reduced. The effect of
changingthe characteristic length L of the spacer is not so pronounced,since the
longer conductingpath is somewhatoffset by the increasedheat loaddueto internal heat
generation. For example, for the 0.007-inch-thick (0.178mm) strip, the net heat trans-
ferred to the water from all sources wasnearly identical for both cases (i. e., L = 0.6

and 1.2 in. (1.52 and 3.04 cm)). Thus, the conducted heat in the spacer (i. e., that

transferred by conduction from the support tube to the pressure tube) decreased by about

the same amount as the additional heat generated in the longer strip (an increase of about

1 percent of the total load) to result in no net change in the heat transferred to the water.

The previous study of the lateral support spring was confined to the exit of the reac-

tor since it was felt that the higher gas and support tube temperatures would produce the

highest temperatures. However, to ascertain whether this hypothesis were indeed true,

a typical case of the V-spring was analyzed at the point of maximum heat generation.

The comparison between the two cases is shown in figure 37 and indicates that the local

aluminum temperatures is higher by approximately 45 ° R (25 ° K) at the exit so that the

previous assumption appears to be substantiated.

A variation of the V-spring case can be made by inverting the support so that two

points of contact are on the aluminum pressure tube rather than on the tungsten support

tube. To investigate this case, the same conditions used in the study shown in figure 37

were applied to the inverted V. The results are shown in figure 38, and when compared

with the original case, show that the maximum aluminum temperature for both the V

and inverted V are approximately equal.

Several facts are indicated from these analyses regarding the temperatures near lat-

eral support springs:
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(1) Becausethe aluminum is nearly at the allowable temperature (760 ° R (422 ° K))

before the introduction of the lateral supports, it is impossible to prevent overheating of

the aluminum at least on some local basis.

(2) The effect of the contact resistance on the aluminum temperature is significant in

the vicinity of the point of contact but does not appreciably change the size of the area

which has a temperature in excess of 760 ° R (422 ° K).

(3) Reducing the thickness of the spacer is a most effective method of reducing the

maximum temperature of the aluminum. (It also reduces the size of area which is over

the temperature limit. )

(4) The characteristic length L of the spacer (fig. 33) does not affect the tempera-

ture of the aluminum significantly. The increase in the conduction path due to a longer

spacer is offset by a corresponding increase in the heat generated within the spacer, with

the result that no net change in the heat transfer to the water occurs for nominal changes

in the length of the spacer.

No analysis has been made of the three springs in the reference design. The spring

thickness is 0.005 inch (0. 127 mm) and the spacer length L is approximately 0.6 inch

(15.24 mm). The hottest of them is located in the region of stage 22. The gas tempera-

ture there (3600 ° R (2000 ° K)) is about equal to that assumed in the preceding calcula-

tions. Figure 36 indicates that, with no contact resistance, a hot spot temperature of

785 ° R (436 ° K) can be expected in the pressure tube.

A heat-transfer analysis using a code similar to the one described at the beginning

of this section (p. 38) was used to predict operating temperatures in the region of the hot

end rigid support shown in figure 23. Details of the calculations are given in refer-

ence 10. Results using more recent and lower values of gamma heating indicate a maxi-

mum local temperature in the aluminum pressure tube of 763 ° R (423 ° K). The increase

in insulation gap of stagnant hydrogen in this region below the fuel stages is instrumental

in maintaining a low aluminum hot spot temperaLure despite higher gas temperatures.

The work performed to date on the heat transfer through both types of lateral support

indicates that aluminum pressure tube temperatures can be limited to reasonable values

in the reference design.

HEAT TRANSFER TO PROPELLANT

Considerable work has been done on heat transfer from the fuel-element stages to

the propellant. Most of this work was on the concentric cylinder design for two major

reasons:

(1) It was the earliest basic design considered in the program
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(2) Its geometry lends itself to a relatively simple one-dimensionalcalculation in
which conductivity is ignored

After calculations at nominal designconditionsled to an acceptabledesign from the
heat-transfer standpoint, hot channelcalculationswere made. Thesecalculations indi-
catedtendenciesto overheat the fuel elements, anddesignmodifications were explored
for their effect on hot channelfactors.

Calculations were also made on the hexagonal version of the fine geometry fuel ele-

ment in an attempt to assess the magnitude of the thermal gradients.

Reference Design Using Concentric Fuel Cylinders

The heat-transfer and flow characteristics of a fuel assembly in the present refer-

ence design of the TWMR are described by the data shown in table 6 and by those plotted

in figure 39. The figure shows several curves obtained from results of calculations

made on the highest power fuel assembly, which is located near the core centerline. The

computer program used was written by Einstein (ref. 14) and modified by Einstein and

others for the cylindrical fuel assembly. As modified, it uses the heat-transfer correla-

tion of Miller and Taylor (ref. 15). The calculations neglect circumferential variations

and treat the fuel assembly stage by stage. Stage exit pressures are equalized for all

annuli by flow distribution before the next stage is entered. The gas temperature modi-

fications resulting from this redistribution are taken into account. Entrance and exit ef-

fects are also included. The curves may be described as follows:

(1) The axial power distribution along the centerline of the core peaks in stages 8

and 9. It is represented by a curve joining points which give, for each of the 26 stages,

the value of the ratio of heat generated in the stage to the total heat generated in the fuel

assembly. The curve shows a high value of power in the inlet stage due to the presence

of an inlet end beryllium reflector. The shape of the curve and the resulting ratio of

peak to average power of 1.46 show the effect of zoning by using a mixture of 70 percent

enriched tungsten and 30 percent natural tungsten in stages 12 to 21.

(2) The distribution of coolant gas temperature among flow annuli at the outlet end of

each stage is shown by the series of curves in figure 39(a). For each stage, this figure

shows a radial plot of gas temperature out of each annulus, from the innermost flow an-

nulus (at the left of each curve) to the outermost flow annulus (at the right). Gas temper-

ature in the outermost flow annulus is lower than that in the inner annuli due to heat loss

through the support tube and through the insulation annulus to the pressure tube and the

water moderator. In order to reduce the effect of this heat loss on gas temperature, the

widths of the outer flow annuli are reduced, as shown in table 6.

(3) A plot of distribution of fuel surface temperature among fuel cylinders at the out-
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let endof each stage is also presentedin figure 39(a). Eachcurve is a radial plot with
the innermost fuel cylinder temperature at the left andthe outermostat the right, and
with the unfueledsupport tube temperature shownby a circle far below the rest of the
temperatures for the stage. The support tube temperature is approximately the sameas
the coolantgas temperature adjacent to it. The series of curves showsthat the highest
fuel surface temperature, 4894° R (2720° IQ, occurs at the outlet endof stage22 in the
eighth fuel cylinder from the stagecenterline.

(4)The pressure drop curve (fig. 39(b))showsthe difference betweenpressure at
the assembly inlet andthat at the stageoutlet. Total pressure drop, that plotted at the
outlet endof stage26, is approximately 124psi (85.5 N/cm2). This value includesmo-
mentumandfriction _ressure drops within flow annuli (amountingto 83 psi (57.3 N/cm2)
to 95psi (65.5 N/cm ) dependingonthe annulus)andalso the contraction and enlarge-
ment pressure changesat the endsof all stages. The stageendpressure drops are
basedon the changesin flow area in entering andleaving the stage, andamountto about
one-fourth to one-third of the total pressure drop. A factor is usedto allow for an en-
trance effect in eachstage. However, noattempt was madeto include the effect of high
surface- to bulk-temperature ratios on friction factor.

(5) The dynamicheadof the coolant gasvaries not only with longitudinal position in
the fuel assembly but also is different in different annuli in eachstage. The highest
value at the outlet of eachstage is the value plotted. This value reaches 13.25 psi
(9.15 N/cm2) at the outlet of stage26 for the flow annulusnext to the innermost annulus.
The average for all flow annuli at the outlet of stage26 is approximately 12.5 psi
(8.62 N/cm2).

Table 6 indicates uniform flow annuluswidths andhydraulic diameters for most flow
passages. The annulusadjacentto the unfueledcenter tubehasa lesser width and con-
sequentlya lesser flow rate of coolantbecausethe gas receives fission heat from only
one side, and less cooling is required. The samesituation exists in the outermost flow
annulusnext to the unfueledsupport tube. Also, heat is removedfrom the support tube
throughthe insulation annulusoutside it. For these reasons, it seemeddesirable to re-
ducethe width andhydraulic diameter not only of the outermost flow annulus, but also of
the annulusnext inside it. The result was that in the hottest stage (stage22) fuel surface
temperatures were fairly uniform (4817° to 4894° R (2680° to 2720° K)) exceptfor the
outermost fuel cylinder which was 4605° R (2560° K). In general, excessivefuel surface
temperature onanycylinder may be reducedby increasing hydraulic diameters of adja-
cent flow passagesor by reducing hydraulic diameters of flow passagesadjacent to cooler
cylinders.

An axial powerdistribution is shownin figure 40, which is the sameas that of the
reference design (fig. 39), exceptthat there is nozoning, that is, nonatural tungsten is
includedin any stage. A calculation was madewith this powerdistribution. Table 7
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showsa comparison of results with the twodistributions. It is seenthat zoning reduces
the highest fuel surface temperature in the assemblyby 157° R (87° K). Calculation
showsthat if the surface temperature obtainedwith the unzoneddistribution (5051° R

(2805° K)) canbe tolerated, the zoningusedfor the reference designmakes it possibletc
increase the outlet gas temperature by 152° R (84° K). This temperature increase cor-
respondsto an increase in power of 3.7 percent.

Hot Channel Analysis

The purpose of a hot channel analysis is to establish the effect of manufacturing and

assembly tolerances and analytical, experimental, and operational uncertainties on the

fuel stage wall operating temperature. The procedure is based on the statistical analysis

method (refs. 16 and 17). The given conditions for the problem were

(1) The concentric-cylinder fuel element and its mechanical design specifications

(table 6)

(2) The fuel-element design operating conditions (table 6)

(3) The core power, heat transfer, coolant flow, and power and temperature control

uncertainties and confidence levels (table 8, together with identifying numbers,

n; see pp. 45 to 47 for discussion)

(4) It is assumed that a set of values for any of the quantities involving uncertainty

has a normal distribution about its nominal value.

(5) It is further assumed that the uncertainties are independent of each other.

The main steps in the hot channel analysis are as follows:

(1) Establishment of hot channel factors for each uncertainty

The hot channel factor is defined as the ratio of the quantity as perturbed by the un-

certainty to that same quantity at design operating conditions. Two hot channel factors

directly affecting the fuel stage operating temperature are considered here: a coolant

bulk temperature rise factor and a wall- to bulk-coolant-temperature difference.

For each quantity n, heat-transfer calculations were made by using the appropriate

uncertainty applied to the design value. These results were compared with those ob-

tained by using the design value to yield the hot channel factor.

The number of calculations can be reduced by investigating the effects of parameters

whose relation to two or more of the uncertainties can be established. For example, if

hot channel factors are calculated for changes in coolant outlet temperature, the results

can be applied to items 3 and 4 (see table 8). Similarly, items 7 and 8 can be associated

witn perturbations in coolant flow rate and items 9 and 10 with variations in radial power

distribution within a fuel stage.

(2) Establishment of the standard deviation in wall temperature for each stage

First, the variation in wall temperature due to 1 standard deviation in each of the
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uncertainties listed in table 8 is calculatedby addingthe effects onwall temperature of
eachof the two hot channelfactors associatedwith 1 standarddeviation of eachuncer-
tainty. The results are shownin figure 41andare discussed later in this section.

The combined1-standard-deviationeffect of all the individual and independentuncer-
tainties is the squareroot of the sumof the squaresof their individual wall-temperature
perturbations (seeref. 18). This combinedeffect a 1 for each stage is also given in fig-

ure 41.

(3) Establishment of overtemperature probability for each stage

The value of the combined variation in wall temperature associated with 1 standard

deviation can be used to establish the probability for any wall temperature variation. For

a normal distribution curve of combined uncertainties, these probabilities are given in

figure 42 in terms of standard deviations. The probability of a stage reaching any tem-

perature over its design value can be determined by dividing this temperature increase

by al for that stage from figure 41. The result, in standard deviations, is used to get

the probability from figure 42. As is to be expected, the greater the difference between

the design and allowable hot spot temperature, the less likely the occurrence of the over-

temperature.

The factors contributing to fuel cylinder wall temperature and considered significant

in this analysis are listed in table 8, along with estimates of the percentage uncertainties

and assigned confidence levels. As a general rule, items which were subject to inspec-

tion and quality control or were obtained from many experimental measurements backed

by analysis were assigned a confidence level (99.7 percent) of 3 standard deviations.

Those which were specified by calculation, by extrapolated experimental data, or by a

limited number of measurements were assigned a confidence level (95.4 percent) of

2 standard deviations.

A completely satisfactory method for arriving at the uncertainty values to be used in

this analysis is not known. In the following paragraphs, the considerations are presented

which entered into the choice of numbers, together with an indication of the way in which

these numbers were used in the calculation.

Fuel assembly power (n = 1). The basic factor involved here is neutron flux, since

fuel loading is handled separately (n = 10). If a critical experiment were conducted on

each core, a distribution of flux could be obtained by measuring neutron flux density

(perhaps by insertion of wires in appropriate locations}. On the basis of these results,

the fuel assembly orificing could be matched to the flux distribution. A reasonable count

of wires could be made with a 2-standard-deviation uncertainty of +2 percent, and other

errors such as uncertainty in wire locations might add another +2 percent for a total

2-standard-deviation uncertainty of +4 percent. The effect of any difference in moder-

ator temperature between experiment and design can be computed relatively accurately.

The uncertainty in fuel assembly power would appear, in part, as an uncertainty in



outlet coolantgas temperature. The calculation, therefore, usesanadjustedvalueof

outlet gas temperature. However, the individual fuel assembly considered is in an array

with a number of parallel assemblies which are operating at design condition pressure

drop. The calculation of the assembly being considered, therefore, uses an adjusted

value of gas flow rate to balance the effect on pressure drop due to the adjustment in gas

temperature, keeping the pressure drop at design value. The stage gas temperature and

the highest wall temperature in each stage with the adjusted temperature and flow condi-

tions is used to find the hot channel factors for the stage.

Heat-transfer coefficient (n = 2). Available data obtained under conditions similar to

those in the fuel assembly indicate the heat-transfer coefficient correlation as used for

these calculations to be applicable, with about 95 percent of the data falling within

+15 percent of the correlation line.

Temperature sensing (n = 3). Outlet gas temperature is the quantity considered. On

the basis of thermocouple performance at lower temperature, it was estimated that this

temperature might be known to within +100 ° R (55 ° K), which is about 2.4 percent of the

temperature rise in the assembly, and therefore 2.4 percent of the power.

Power adjustment (n = 4). Power adjustment represents uncertainty in the behavior

of a control mechanism, such as its accuracy and speed in returning outlet gas tempera-

ture to design value after a disturbance. It is independent of the uncertainty in the tem-

perature sensing (n = 3) by which it operates. It is estimated that the adjustment could

be made with a divergence in outlet gas temperature of about +50 ° R (+27.8 ° K).

Flow passage width (n = 5). Since each annular flow passage is formed by a pair of

adjacent cylinders in the concentric design, deviation in each cylinder results in a vari-

ation of flow passage width. These deviations result from diameter variations and from

out-of-roundness of the cylinders. The computer program is not capable of treating the

circumferential changes in annular flow passage width associated with out-of-roundness.

The hot spot factor calculated was one resulting from two adjacent cylinders both over-

size by 0.002 inch (0.051 mm). This results in a fueled cylinder with one normal and

one undersize passage adjacent to it and the presence of one oversize passage in the

same stage which adds to the hot spot effect. The 0.002-inch (0.051 mm) variation used

is considered reasonable for the sum of achievable out-of-roundness and diameter toler-

ances.

Stage power (n = 6). This factor results from the uncertainty in the neutron flux at

any particular fuel stage independent of any uncertainty in the total fuel assembly power

(n = 1). It was thought that stage power variation might be based on the same considera-

tions as that for the complete fuel assembly (n = 1), and a comparable value was assigned.

Orifice mismatch (n = 7). Orifice mismatch represents a discrepancy between cool-

ant flow rate values, design and realized. It comes from the fabrication tolerance in or-

ifice size and arrangement and is applied to the calculation as an adjustment of gas flow
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rate, together with an adjustment in outlet gas temperature which will keep the fuel as-

sembly power equal to design power. The power equality is maintained because power,

or heat generation rate, depends on neutron flux and fuel, and does not change because of

nondesign flow rate. Fuel assembly pressure drop changes with change in flow rate so

that total pressure drop, through both fuel assembly and orifice, is equal for all parallel

assemblies.

Orifice design data are fairly complete and well established. The only estimated un-

certainty value for which it is thought that information is adequate to allow a 3-standard-

deviation confidence level is the one for orifice mismatch.

Upper plenum pressure distribution (n = 8). The uncertainty in upper plenum pres-

sure distribution results in an uncertainty in coolant gas flow rate for a particular fuel

assembly which appears because of a possible difference between its inlet pressure and

that of other assemblies. It is assumed that outlet pressure is the same for all assem-

blies. A variation at the inlet depends on arrangement of inlet gas plenum components

and connections. Its value is an estimate subject to experimental tests.

Power distribution among fuel cylinders (n = 9). The uncertainty here is the same

as that which would appear in measurements of heat-generation rate for a given thickness

of fuel at a given radius. The reference design is based on radially uniform power gen-

eration within each stage. Neutron flux and spectrum calculations were made to deter-

mine fuel loadings which would result in uniform power. Uncertainties in these calcula-

tions result in variations in power generation over and above those due to fuel loading

manufacturing errors. The uncertainty value might be based on the same considerations

as that for the power in the complete fuel assembly (n = 1) and that for stage power

(n = 6).

Fuel loading (n = 10). The uncertainty here is in the amount of fuel in a particular

cylinder of the stage being computed and arises due to variations in fabrication. Both

total volume of the cylinder and the composition of the fueled matrix are involved. The

amount of fuel can be controlled to about ±I percent by volume. For a 20-percent ura-

nium dioxide fuel this would be an uncertainty of about _-5 percent with a 3-standard-

deviation confidence level, and for a 30-percent uranium dioxide fuel itwould be an un-

certainty of about ±3 percent with a 2-standard-deviation confidence level.

As shown in figure 41, all factors result in uncertainties which, near the assembly

inlet, vary rapidly with longitudinal position. Some factor uncertainties change with lon-

gitudinal position throughout the assembly, namely, heat-transfer coefficient, flow pas-

sage width, stage power, cylinder power, and fuel loading. Others are almost unvarying

throughout the downstream two-thirds of the assembly. In the upstream half, the uncer-

tainty that has the greatest effect on surface temperature is that in the heat-transfer co-

efficient. In the downstream half, the most troublesome uncertainty is that in fuel as-

sembly power because wall-to-bulk temperature differences are relatively small and the



heat-transfer coefficient is consequently relatively less important, while the gas temper-

ature rise and total heat added to the gas are becoming large.

Overtemperature probability was computed, as previously explained, for stage outlet

locations only with an allowable hot spot temperature of 55000 R (3055 ° K). These loca-

tions are those where stage temperatures are highest. The results are given for each

stage in figure 43. The first 9 stages do not contribute to overtemperature probability,

and stages 22 and 23 are the greatest contributors. An integration of probabilities over

the fuel assembly results in a combined probability of 1.05><10 -3. In other words, one

would expect an overheated stage in 1 out of every 951 fuel assemblies or 1 out of every

8 complete cores. These calculations were based on the highest power assembly. Since

the probabilities would be lower for the lower power assemblies in the outer region of the

core, these values are conservative for the values given in table 8.

Additional calculations were made to explore the effect of possible design changes on

the likelihood of overheating. A new hot channel analysis was made for the reference de-

sign with its length increased to 29 stages instead of 26. This 11.5 percent increase in

length reduced the heat flux by the same ratio, thus reducing surface temperatures

throughout the fuel assembly and reducing the highest surface temperature by 61 ° R

(34° K).

The 29-stage hot channel analysis was simplified by using stage outlet hot channel

factors derived from the factors obtained for the 26-stage analysis. The 26-stage outlet

factors were plotted against distance from the inlet as a fraction of total length. Then the

new values were read at the new stage outlet positions. The results are shown in fig-

ure 44. Itis obvious that increasing the length by only three stages has had a large effect

on overtemperature probability. Under these circumstances only I stage in every 8800

assemblies or 75 complete cores can be expected to exceed 5500 ° R (3055 ° K).

Increasing the length of the core, already discussed, reduces the overtemperature

probability but increases core weight roughly in proportion to the increase in length.

Therefore, itwas desirable to examine other methods of reducing overtemperature prob-

ability.

Estimates were first made of the effect of reducing hydraulic diameter by examining

the change in surface temperature with change in diameter at the hottest point in the re-

actor for the reference design. These results were used to select three combinations of

hydraulic diameter and mass velocity, and the temperatures in the entire fuel assembly

were calculated to determine the maximum temperature.

The calculations to estimate the effect of hydraulic diameter used the reference-

design flow rate together with heat flux and bulk coolant temperature at the hottest point

in the reference-design fuel assembly. Itwas assumed that the changes in flow area and

heat-transfer surface area accoml_nying any reduction in hydraulic diameter were the

same as those resulting from the same reduction in diameter of a round tube. This

48 • - -



assumption greatly simplified the determination of these quantities because the radii of

cylinders and flow passages changed as hydraulic diameter was reduced. Figure 45 pre-

sents the results of these calculations.

A reduction in fuel-element surface temperature of 61 ° R (34 ° K) was achieved by

lengthening the fuel assembly from 26 to 29 stages. In order to achieve the same results

by reducing hydraulic diameter while maintaining coolant flow rate, figure 45 indicates

that a 13-percent reduction to a hydraulic diameter of 0.110 inch (2.8 mm) is required.

If this were done without changing the number of annuli, the overall diameter of the

fuel assembly would be smaller. If, however, the space recovered were occupied, for

example, by an eleventh fuel cylinder and a twelfth annulus, the fuel surface area for heat

transfer would be greater by about 9 percent. The cross-sectional area for coolant flow

would be slightly smaller due to additional blockage by the eleventh fuel cylinder.

Use of such dimensional changes could be supplemented by changes in fuel assembly

power and coolant flow rate, keeping coolant temperature distribution unchanged, if such

changes appear to be advantageous.

The following three combinations of conditions may be considered as alternative to

increasing reactor length to 29 stages. Changes are based on values which apply to the

concentric-cylinder reference design, and are listed as follows:

Case I - Reduction of hydraulic diameter by 13 percent:

Hydraulic diameter, percent ............................... -13

Overall fuel assembly diameter, in. ; mm ................. -0. 164; -4.16

Wall surface area, percent ................................ -7

Coolant flow area, percent ................................ -18

Coolant flow rate, percent ................................. 0

Coolant temperature, °R; °K ............................... 0

Power, percent ....................................... 0

Heat flux, percent ..................................... 7

Coolant flow per unit area, percent ........................... 18

Heat-transfer coefficient, percent ............................ 18

Highest fuel wall temperature, OR; OK .................... -65, -36.1

Overtemperature probability ............................ to _ 10- 4

Pressure drop, percent ................................. 60

Outlet dynamic head, percent .............................. 60

Except for overtemperature probability, these are approximate values obtained by

calculating an array of concentric cylinders arrived at by reducing all reference-design

hydraulic diameters by 13 percent. No hot channel analysis was made, but since fuel

wall temperature was reduced by about the same amount here as for the case with
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11.5 percent increase in length, it was assumed that overtemperature probability here

would be reduced in a similar manner. This assumption is tentative, and needs verifica-

tion with a hot channel analysis for each case to be considered.

This reduction in wall temperature was obtained at the expense of a large increase

in dynamic head, which was already near an upper limit for concentric cylinders in the

reference design. Furthermore, reduction in hydraulic diameter constitutes reduction

in annulus widths where cylinder surfaces already are so close as to make spacing vari-

ations allowed by tolerances to become an important factor in determining fuel wall tem-

perature.

The addition of an eleventh fuel cylinder and twelfth flow annulus to case I geometry

restored the overall fuel-assembly diameter of the reference case and reduced dynamic

head. The changes relative to values for the reference design are listed as follows:

Case H - Reduction of hydraulic diameter by 13 percent and addition of one fuel cylinder:

Hydraulic diameter, percent ............................... -13

Overall fuel assembly diameter, in. ; cm ......................... 0

Wall surface area, percent ................................. 9

Coolant flow area, percent ................................ -5

Coolant flow rate, percent ................................. 0

Coolant temperature, OR; OK ............................... 0

Power, percent ....................................... 0

Heat flux, percent .................................... -9

Coolant flow per unit area, percent ............................ 5

Heat-transfer coefficient, percent ............................. 6

Highest fuel wall temperature, °R; °K ..................... -90; -50

Overtemperature probability ............................. <10 -4

Pressure drop, percent ................................. 24

Outlet dynamic head, percent .............................. 14

Again, the values are approximate results of calculating an array of concentric cyl-

inders, except for overtemperature probability which is an estimate. There is a penalty

in pressure drop and dynamic head, although smaller than for case I. Also, the same

problem exists as for case I involving excessively small widths of some annuli.

If the coolant flow is increased in the geometry of case II so that the heat flux is the

same as in the reference design, conditions, relative to those of the reference design,

are listed as follows:
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CaseIII- CaseII geometry with 9 percent increase in coolant flow:

Hydraulic diameter, percent ............................... -13
Overall fuel assemblydiameter, in. ; cm ......................... 0

Wall surface area, percent ................................. 9

Coolant flow area, percent ................................ -5

Coolant flow rate, percent ................................. 9

Coolant temperature, OR; OK ............................... 0

Power, percent ....................................... 9

Heat flux, percent ..................................... 0

Coolant flow per unit area, percent ........................... 14

Heat-transfer coefficient, percent ............................ 13

Highest fuel wall temperature, OR, OK ..................... -80, -44.4

Overtemperature probability ............................. < 10-4

Pressure drop, percent ................................. 40

Outlet dynamic head, percent .............................. 32

These results, compared with case II, show that the gain in power is accompanied

by a slight rise in fuel temperature and a considerable increase in outlet dynamic head.

The preceding three sets of calculated results were compared with and discussed

relative to the concentric-cylinder reference design. Since, for this design, outlet dy-

namic head is limited to a value below those computed for these three cases, the changes

suggested are unacceptable for concentric cylinders. However, in the fine geometry ar-

ray, much higher values of outlet dynamic head can be allowed because of the more rigid

structure. The results of any of the three calculations are probably generally applicable

to the fine geometry and indicate acceptable approaches using such fuel stages. It is pos-

sible that overtemperature probability might be reduced still further by reducing hydrau-

lic diameter more than 13 percent, or power might be increased further, keeping over-

temperature probability at 10 -4 and hydraulic diameter at the 13 percent reduction. Such

conclusions, as stated here, are subject to verification by further calculation, including

hot channel analyses. The minimum permissible hydraulic diameter for the fine geome-

try type of fuel element depends on fabrication and inspection possibilities.

Performance of Honeycomb Fuel Assembly

It was desired to make calculations which would yield the heat-transfer and flow

characteristics of a fuel assembly using a honeycomb of fueled material with hexagonal

flow passages for cooling, as shown in figure 46. For such an array, circumferential

variations are important. Although a computer program was available which would
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handle the variety of flow passage conditions appearing in the array, it could not take into

account the effect of conduction in the webs of the honeycomb.

Therefore the one-dimensional heat-transfer computer program for concentric cyl-

inders was modified to make calculations, including wall conduction, on a geometry which

would simulate the hexagonal array. In order to make a realistic approximation to the

hexagonal geometry, each flow annulus between two concentric cylinders was assumed to

be divided into such a number of flow passages as to give each flow passage the same hy-

draulic diameter, flow area, and surface area for heat transfer as each passage in the

corresponding ring in the hexagonal array. This division was assumed to be made by an

appropriate number of radial fuel plate ligaments connecting the two cylinders. A one-

dimensional, radial calculation of conduction across each annulus from cylinder to cyl-

inder through the equivalent ligaments was introduced by multiplying the thermal conduc-

tivity of the fuel by the ratio of fuel plate ligament thickness to ligament spacing in the
annulus.

For the actual hexagonal fuel array enclosed and supported by an unfueled round sup-

port tube, the flow passages adjacent to the support tube must provide a transition be-

tween the two geometries. The modified concentric cylinder model was arranged so that,

in this transition region, it could simulate the irregular fuel walls extending out from the

hexagonal array at its outer circular periphery. Fueled ligaments, connected to the

outermost fuel cylinder and extending radially outward toward the support tube, repre-

sented these in the model. Simulation of performance was accomplished by duplicating

the hydraulic diameter, flow area, and surface area averaged over the unlike passages

at the periphery of the honeycomb.

The design investigated for the hexagonal array was one for which the hydraulic di-

ameter of each hexagonal flow passage was 0.119 inch (3.02 mm). There were six com-

plete rings of hexagonal flow passages surrounding the center passage, and a seventh ring

in which each corner hexagon was open to the outer flow region bounded by the support

tube, as shown in figure 46. Thus, there were 163 passages with a 0. ll9-inch (3.02 mm)

hydraulic diameter. The outer flow region consisted of a number of partial hexagons all

opening into an annulus which separated the support tube from the butt ends of the fuel

walls. For the reference design, this annulus had a width of 0. 005 inch (0. 127 mm) so

that the hydraulic diameter of the composite passage was 0.107 inch (2.72 mm). How-

ever, calculations were made for a range of annulus widths from 0 to 0. 030 inch (0 to

0.762 mm), with corresponding hydraulic diameters from 0.105 to 0.133 inch (2.66 to

3.38 mm), since fabrication tolerances may cause large variations in this dimension.

Although radial conduction was computed for the ligaments in all interior annuli, in the

outer flow region the ligaments were assumed not to make thermal contact with the un-

fueled support tube, and therefore provided no conductive heat transfer to the support

tube.
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In general, calculation results for the hexagonal array design case are not greatly

different from those for the concentric-cylinder reference design. Although the highest

fuel wall temperature is about 100 ° R (55.6° K) higher, the radial power distribution had

not been optimized for the hexagonal design. Also, the general trends of longitudinal

variations are similar to those shown in figure 39 for the concentric-cylinder reference-

design case.

Figure 47 shows the calculated average effects (using the modified code for concen-

tric cylinders with conducting ligaments) of changing the width of the outermost annulus.

One plotted curve shows the effect on the highest computed value of fuel surface temper-

ature, which for all four points occurs in the innermost cylinder of the twenty-third stage

from the inlet end. An increase in annulus width and flow area of the outer flow region

allows more of the gas to flow through this region. The flow rates in the inner passages

and, therefore, the heat-transfer coefficients, are reduced as the annulus next to the sup-

port tube is widened, so that the temperatures of the inner fuel surfaces must rise. For

the reference hexagonal design, with a hydraulic diameter of 0.107 inch (2.72 ram) in the

outer annulus, the highest fuel surface temperature in the assembly is about 4980 ° R

(2770 ° K).

The other plotted curve in figure 47 shows the effect of changing the width of the outer

flow region annulus on the highest temperature difference in the assembly between adja-

cent cylinders. This is a measure of the temperature gradient which must be supported

by the fueled ligaments. This highest temperature difference occurs in all cases between

the two outermost fueled cylinders. An increase in the annulus width and flow area of the

outer flow region provides additional cooling for the outermost fuel cylinder, lowering its

temperature, increasing the temperature difference between it and the adjacent fuel cyl-

inder, and increasing the temperature gradient across the fuel plate ligaments joining

them. The maximum temperature difference between cylinders for the design investi-

gated is 250 ° R (139 ° K).

The previous calculations were based on the average heat-transfer and flow charac-

teristics of the irregular passages. To investigate the variation of any of these passages

from their average, a revised version of the MCAP digital program (ref. 5) was used.

This code allows for a variation in number and size of passages and calculates the ther-

mal characteristics of each type of passage by balancing the pressure losses across each

stage to determine the flow distribution among channels.

For the first set of calculations, the number and size of the irregular passages were

varied. The assumption was made that the total cross-sectional area of these irregular

passages remained constant regardless of the size, shape, and number of channels stud-

ied. In addition, the number (area) of nominal channels was kept constant for all the runs

at a value corresponding to that for the reference-design hexagonal array.

Figure 48 shows the results obtained for the initial calculations and indicates that the
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relative number of various size irregular passages has little effect on the thermal per-

formance of such passages. We therefore can conclude that the larger number of nominal

channels (relative to irregular passages) is the controlling factor on pressure drop. A

modification to this calculation method was made to obtain more accurate results. It was

originally assumed that all the flow passages in the peripheral region had a ratio of heat-

transfer surface area to total surface area of 0.75. The surface temperatures calculated

were therefore average surface temperatures for a given passage including both fueled

and unfueled surfaces. To obtain the actual temperature of the fueled surface, the differ-

ence between the average surface temperature and the gas temperature should be cor-

rected by the ratio of heat-transfer to total surface area for each passage. Thus,

' =Tb +T w
Tw - T b

A s

where T' is the corrected value. Figure 49 gives the results of these calculations forw
a planned hexagonal design in which the equivalent diameters of the irregular passages

varied from 0.059 to 0. 125 inch (1.5 to 3.15 mm), and the radial clearance between the

fuel and support tubes was 0.005 inch (0.127 mm). The indicated variation in surface

temperature among the different passages of 2500 ° R (1390 ° K) is large and is a potential

source of trouble even though the intercell conductivity neglected in these calculations

would reduce the calculated gradients.

It also appears that the size of the smallest irregular passage should be greater than

one-half a full hexagon for which D = 0.072 inch (1.83 ram) and A s/A t = 0.6 to avoid

overheating of its surfaces.

A possible means of improving the thermal characteristics of the irregular channels

in the periphery of the hexagonal fuel array would be to rotate the fuel elements from

stage to stage intentionally. In this manner, the gas leaving a hot channel of one stage

would not enter the same type of irregular channel in the next stage, and the accumula-

tion of overheated passages would be minimized.

Since there is usually 30 ° symmetry in hexagonal fuel elements, a 15 ° rotation might

be accompanied by enough radial flow in the space between stages to keep gas tempera-

ture in all channels close to average. While there would be no real assurance that suf-

ficient interstage mixing would occur without performing some tests of this nature, the

maximum effect of rotation can be simulated analytically by assuming that complete mix-

ing does occur. Figure 50 shows the result of such a calculation in which two represent-

ative types of channels (D = 0.080 in. (2.03 mm) and D = 0. 120 in. (3.05 mm)) were ro-

tated so that the exit gas from one channel became the inlet gas for the other channel in

the next stage and vice versa for the entire length of the reactor core. Also shown in
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figure 50are the results obtainedfor no rotation; that is, the irregular passagesof one
size were alined for all stages.

Mixing betweenstageswill reduce evenminimal differences in temperatures between
channels. Techniquesfor improving mixing can therefore be consideredas a meansof
smoothingthe variation betweenchannels.

Although it appearsthat the posnibledifficulties indicatedby the analysis maybe
overcome, a search for an alternate fine geometrywas initiated to circumvent the prob-
lems. The origins of the difficulties lie in the difference in shapebetweenthe stage
basic hexagonalstructure andthe round support tube. The ring andligament designpre-
viously discussedandshownin figure 6(c) wasevolvedas a result of theseandother con-
siderations. In this design, the hydraulic diameter of the passagesin any row canbe
varied as in the concentric-cylinder design, andthere are no irregular passagesat the
outside betweenthe support tubeandthe fueled stage. This configuration thenshould re-
ducethe thermal stresses to which the rigidity of the fine geometrytype of element is
susceptible if its fabrication presents no severe problems.

COMPATIBILITY OF TUNGSTEN AND ZIRCONIA

There are several regions in the fuel assembly in which contact between hot compo-

nents and cooler members is necessary for structural support. To prevent bonding and

to reduce heat conduction in these locations, it may be possible to use thin layers of zir-

conia (ZrO2) deposited on portions of the fuel assembly. Since regions of possible inter-

est may experience temperatures as high as 4000 ° R (2220 ° K), a test was conducted to

study the compatibility of tungsten and plasma-sprayed ZrO 2 in hydrogen at approxi-

mately this temperature and under bearing loads.

A test was set up wherein a layer of ZrO 2 was plasma sprayed onto a tungsten sub-

strate which had been cleaned in hydrogen at 3460 ° R (1920 ° K) for 1/2 hour. A weighted

tungsten contact surface (pins) and an unweighted tungsten contact surface (disk) were as-

sembled, as shown in figure 51. A compressive load of 50 psi (35 N/cm 2) resulted from

the weighted tungsten contact surface. This assembly was then slowly heated, in about

1/2 hour, to 3860 ° R (2145 ° K) in a hydrogen atmosphere flowing at 20 standard cubic

feet per hour (0. 5685 m3/hr), and held at temperature for 2 hours. The assembly was

subsequently furnace cooled to room temperature in about 1/2 hour.

There was no visual indication of reaction between the ZrO 2 and either the weighted

or unweighted tungsten contact surface. The ZrO 2 did not spall, as may be seen in fig-
ure 52.

However, metallographic examination did reveal a third phase at the ZrO2-tungsten

interface. This third phase appears to have been molten at test temperature and to have
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penetrated into the tungsten grain boundaries (fig. 53(a)). Examination of a similarly

coated tungsten specimen (see fig. 53(b)), which was not tested, indicated that this third

phase was present prior to the high temperature test and probably resulted from the

plasma- spraying process.

The third phase seen in figure 530)) was found to be a metallic contaminant of Ni-Cr.

This contaminant was the result of electrospark etching of the tungsten surface with a

Ni-Cr electrode prior to application of the ZrO 2. Such roughening is necessary for ad-

herence; therefore, a tungsten electrode was used in preparing the surface of the next

sample. Thin procedure modification completely eliminated the undesirable third phase,

and after testing there was no evidence of contamination or reaction between the ZrO 2 and

tungsten (see fig. 54(a)).

On the basis of the results it would appear that surface preparation is of primary im-

portance when ZrO 2 is applied to a tungsten surface by a plasma-spray technique. In the

areas where adequate roughening was attained, the adherence of the ZrO 2 was good

(fig. 54(a)), whereas the areas where little or no roughening resulted, the adherence was

poor (fig. 54(b)).

There does not appear to be any reaction between the ZrO 2 and the tungsten after
2 hours at 3860 ° R (2145 ° K) in flowing hydrogen. The 50 psi (35 N/cm 2) compressive

load did not appear to affect the ZrO2-tungsten interface adversely. Therefore, it would

appear that ZrO 2 plasma sprayed on tungsten could withstand 2 hours at 3860 ° R (2145 ° K)

in hydrogen without spalling or a reaction occurring.

Methods of application other than plasma spraying should be considered for applying

this insulation barrier in order to obtain a more adherent coating, for example, trowel-

ing or a slurry dip. If, however, plasma spraying is used, extreme care must be exer-

cised in substrate preparation to preclude contamination and to ensure uniform roughen-

ing for good overall adherence.

A
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At

Cp

D

D o

Gr s

SYMBOLS

flow area, ft2; am 2

heat-transfer area, ft2; am 2

total surface area, ft2; cm 2

specific heat, Btu/(lb)(°R); J/(kg)(°K)

hydraulic diameter, in. ; mm

outside diameter of pressure tubes, in. ; cm

Grashof number based on insulation gap width,

sional
[gp2f_S2 (Ts - T_I//_2 , nondimen-
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g

h

k

L

L m

Nu

n

Pr

S

acceleration directed along axis of annulus, ft/sec2; m/sec 2

contact coefficient between spacer and plates, Btu/(hr) (ft 2) (OR); J/(hr) (m 2) (OK)

heat-transfer coefficient, Btu/(hr) (ft 2) (OR); J/(hr) (m 2) (OK)

thermal conductivity, Btu/(sec) (ft) (OR); J/(hr) (m)(°K)

characteristic length of spacer, in. ; cm

minimum length of insulation gap for suppressing free convection, ft; m

Nusselt number, hD/k, nondimensional

identifying number for hot channel factors, nondimensional

Prandtl number, Cp/_/k, nondimensional

insulation gap thickness, ft

s stress

Smax

T b

Tf

Tmax

T w

T r
W

t

V

Vmax

W

P

maximum stress

bulk temperature of gas, OR; OK

film temperature, OR; OK

maximum surface temperature, OR; OK

wall temperature, OR; OK

wall temperature, corrected, OR; OK

thickness of lateral support spacer, in. ; cm

velocity, ft/sec; m/sec

maximum velocity, ft/sec; m/sec

water flow rate, Ib/sec; kg/sec

coefficient of expansion, i/°R; i/°K

viscosity, lb/(ft)(sec); kg/(m)(sec)

density, lb/ft3; kg/m 3

standard deviation in wall temperature due to combined factors, OR; OK

Subscripts:

no flow divider present

flow divider present
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IV. REACTOR CONTROL

REFERENCESYSTEM

The reference control system concept (see figs. 1 and 4) allows for variation of nu-

clear reactivity in the reactor by adjusting the concentration of a neutron absorbing salt

dissolved in water and circulated in a separate flow circuit in the reactor. Maximum

pressure and temperature in this loop are 600 psi (414 N/cm 2) and approximately 660 ° R

(367 ° K). The following basic problem areas are associated with the control system:

(1) Selection of poison salt

(2) Selection of materials of construction

(3) Determination of consequences and extent of gas generation in the solution

(4) Determination of consequences and extent of thermal and radiolytic effects and on

the stability and solubility of the solution

In addition to these basic problems, the engineering design and performance of the refer-

ence control system were investigated. The results of this work are reported in refer-

ences 19 to 23 and indicate general feasibility of such a system with regard to response

time, component design, temperature control, and flexibility of operation.

Selection of Poison Salt Candidates

In the selection of poisons for use in the aqueous control system of the TWMR, the

following properties of the poison candidates were considered:

(1) Neutron absorption cross sections

(2) Solubility in water

(3) Corrosiveness to materials of construction

(4) Thermal stability

(5) Radiation stability

Compounds of boron, cadmium, samarium, gadolinium, and europium were considered

because of their high absorption cross sections. Based on solubility and radiation stabil-

ity considerations, only sulfates, borates, and halides were regarded as potential anion

candidates. The halides were eliminated because of their corrosiveness. The primary

poison compound candidates were

(1) Boric acid

(2) Cadmium sulfate

(3) Gadolinium sulfate

(4) Europium sulfate

(5) Samarium sulfate
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A literature survey indicated that all the poison candidates or their isotopes have

sufficient solubilities to be used in the chemical control system. However, the rare

earth salts are less desirable because they hydrolyze to form insoluble poison compounds.

This characteristic is undesirable because it could reduce the effective amount of control

and permit a situation to exist which might lead to a nuclear accident. This potential ac-

cident is discussed in the section Thermal and Radiolytic Stability of Poison Salt (p. 62).

Cadmium sulfate also exhibits a tendency to form insoluble compounds, but to a lesser

extent than the rare earth salts. Therefore, boric acid and cadmium sulfate were se-

lected as the two poison candidates.

Cadmium sulfate was used as the primary poison candidate with boric acid as a

"backup" candidate for the following reasons:

(1) The alpha particles released from the B10(n, a)Li 7 reaction contribute to water

decomposition and gas evolution. Calculations show (see ref. 24) that the hydrogen par-

tial pressure may be as high as 600 psia (414 N/cm 2 abs). In-pile experiments at high

neutron fluxes (comparable to those in TWMR) would be required to demonstrate feasibil-

ity. Cadmium is not an alpha emitter.

(2) In the thermal energy region, the neutron absorption cross section for boron is

inversely proportional to neutron velocity. This contributes to a positive temperature

coefficient of reactivity which is undesirable. Cadmium does not have this property

(non- 1/v absorber).

Selection of Materials of Construction

Several materials were investigated as potential structural material candidates for

the poison control system; aluminum, zirconium alloys, and stainless-steel alloys. Pre-

liminary experiments (refs. 24 and 25) indicated aluminum adsorbed up to about 750 mi-

crograms of cadmium per square centimeter of surface area. Stainless steel is less de-

sirable for use in the reactor core than either aluminum or Zircaloy because of its rela-

tively high neutron absorption cross section. Although no information was available on

Zircaloy corrosion under conditions expected in the TWMR, a literature survey (ref. 24)

indicated that stainless steel and Zircaloy are generally more corrosion resistant than

aluminum. Therefore, Zircaloy was selected as the primary structural material for in-

core use and stainless steel or Zircaloy were selected as potential out-of-core materials.

Gas Generation

Hydrogen and oxygen are generated in the control solution as a result of radiolytic
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decomposition of the water. Hydrogen is generated as a product of the aqueous corrosion

of the materials in the system. Excessive accumulation of these gases caus¢3 the follow-

ing problems:

(1) Solution pump cavitation and flow reduction

(2) Overpressurization of the system

(3) Power perturbations due to formation of voids

The consequences of the effects of pump cavitation have not been investigated experimen-

tally. However, some estimates of the effects on fluid flow of 0.5 percent weight fraction

of undissolved gas as water vapor were made (see ref. 19). These estimates indicated

that the required pressure drop in components of the control system would be 1.5 to

2 times greater than the single-phase pressure drop. The subsequent flow reduction

might be as nmch as 30 percent. The existence of two-phase slug flow in the core region

would cause reactivity and neutron flux perturbations.

Excessive gas could also cause abnormally high system pressures. The control sys-

tem is designed to operate at a total pressure of 600 psia (414 N/cm 2 abs) both at 100 per-

cent power and during shutdown. If the mole fraction of hydrogen in the system is greater

than 5.5><10 -4, the gas will start to be evolved forming voids in the solution. The control

system concentrate tank and pressurizer are equipped with displaceable bladders which

could permit small increases in system volume at 600 psi (414 N/cm 2) total pressure.

When this volume is filled with gas at 600 psi (414 N/cm2), any further increase in gas

generation will cause an increase in total system pressure. Total control system inter-

nal pressure is shown in figure 55 as a function of hydrogen generated in the poison solu-

tion. The flat portion of the curve represents gas generation in the system up to satura-

tion and displacement of the bladders to a volume of 3 gallons (1.14×10 -2 m 3, design

bladder capacity). Beyond this concentration of gas, the total system pressure increases

at constant volume possibly causing damage to the control system structure.

Any void formation in the control system could cause some displacement of poison

solution from the reactor. This loss of solution affects reactivity in two opposing ways:

(1) The moderator is displaced from the control system causing a loss of reactivity.

(2) The neutron absorber is displaced from the system causing an increase in reac-

tivity.

The net effect is an increase in reactivity. An estimation of the reactivity change due to

void formation is shown in figure 56. The reactivity effect is small and since gas gener-

ation takes place over a long period of time, compensation by poison concentration will

present no problem.

If the mole fraction of hydrogen in the control system is limited to 5.5×10 -4 , the sat-

uration value at 600 psia (414 N/cm 2 abs), all the problems discussed previously will be

avoided.

The gas generation due to water radiolysis was investigated (ref. 25), and the extent



of corrosion product gasevolutionwas experimentally determined (ref. 22). The amount
of hydrogenandoxygenproducedduring water radiolysis was estimated by postulating
probablechemical andradiochemical reactions, determining rate constantsfor these re-
actions, andsolving the chemical kinetics equationsby using a computer. The most con-
servative estimates of gasgenerationindicate that the mole fraction of hydrogenin the
systemis aboutlxl0 -4. The oxygencontent is about2 orders of magnitudeless. Al-
thoughthese estimateshavenot beenexperimentally verified, they are the best available
at this time.

Corrosion tests were performed duplicating, as closely as possible, the range of op-
erating conditions expectedin the TWMR. Three types of suchexperimentswere under-
taken:

(1) Flask: Solutionsandmaterials were exposedto atmosphericpressure, 675° R
(375° t0 temperature, and solutionpH of 1to 7. Theseexperimentsprovided rapid and
inexpensiveresults for early screeningof material candidates.

(2) Autoclave: Temperatures and pressures up to 860 ° R (478 ° K) and 600 psia

(414 N/cm 2 abs) were obtained with materials and solutions.

(3) Loop: The effects of solution velocity and heat flux were investigated, and the

thermal condition associated with 100 percent reactor power operation was simulated.

The ranges of operating parameters investigated in these tests are summarized in

table 9. The amount of corrosion per unit area of material was determined by measuring

the change in weight of material specimens and dividing the weight change by the surface

area. The experimentally measured weight changes were used to calculate the total hy-

drogen content of the water based on the following corrosion reactions:

Zr + 2H20 _ ZrO 2 + 2H 2

3Fe + 4H20 _ Fe304 + 4H2

The pertinent experimental results indicate the following types of behavior:

Loop tests: The average weight gain for Zr-2 specimens subjected to an 810 ° R

(450 ° K) solution and a heat flux of 75 000 Btu/(hr)(ft 2) or 8.52x108 J/(hr)(m 2) for

90 hours is 16 milligrams per square centimeter. This weight gain corresponds to a

hydrogen generation of lxl0 -3 mole per square centimeter.

Autoclave tests: The average weight gain for Zr-2 specimens subjected to water at

810 ° R (450 ° K) and zero heat flux for 500 hours is 0.5 milligram per square centimeter.

This weight gain corresponds to a hydrogen generation of 0.31x10 -4 mole per square cen-

timeter. After about 300 hours of exposure, there was no additional increase in weight.

Even after 500 hours exposure to the same conditions, however, the stainless-steel
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specimens continued to increase in weight. Because the TWMR may be shut down for

about 2 years, rather than 500 hours, it is necessary to extrapolate the experimental data

from 500 hours to 2 years. The following empirical correlation was postulated to relate

stainless-steel metal attacked, AW in milligrams per square decimeter, to water tem-

perature, T in OR, and exposure time, 8 in hours:

AW = 90 000_0" 26 exp(_); IAW = 90 000_0" 26 exp(:_-_ 1

After a 2-year exposure at 760 ° R (422 ° K) water temperature (maximum water tempera-

ture expected when reactor is shut down), the hydrogen generated from stainless-steel

corrosion is 4x10 -4 mole per square decimeter.

About 55 percent (ref. 22) of the hydrogen generated at the Zr-2 surface reacts with

the surface to form hydrides, and only 45 percent dissolves in the water. The surface

areas of stainless steel and Zr-2 in the reference system are 2260 and 2460 square deci-

meters, respectively, and the total system volume is 0. 104 cubic meter. Therefore, the

mole fraction of hydrogen in water due to corrosion of both stainless steel and Zr-2 is

3.5x10 -4, and the total due to corrosion and radiolysis is 4.5x10 -4 This value is about

18 percent below the solubility limit of 5. 5x10 -4 and indicates satisfactory operation.

Thermal and Radiolytic Stability of Poison Salt

It is desirable to keep the poison salt in solution to prevent its deposition on metal

surfaces in the reactor core. Cadmium sulfate, the primary poison salt candidate, might

be removed from solution by precipitation or by ion exchange with the walls of the control

tubes. The extent of cadmium deposition must be limited because it could restrict the

margin of effective control and could cause a power excursion if all the deposited cad-

mium were suddenly sloughed off the tube walls and swept out of the reactor. Obviously,

this assumption is extremely conservative. The consequences of such an incident are

illustrated in figure 57. Here the maximum temperature attained after the cadmium is

sloughed off all the tube walls is shown as a function of the initial cadmium deposition and

the percent enrichment of the isotope cadmium 113.

The data shown were calculated as follows:

(1) The reactivity worth of natural cadmium was determined from criticality experi-

ments in a mockup of the TWMR using cadmium nitrate (ref. 26).

(2) The cadmium worth for different enrichments with isotope cadmium 113 was cal-

culated by using the thermal absorption cross sections for natural cadmium and cad-

mium 113.
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(3)The maximumfuel temperature increasewas calculatedas a function of reactivity
insertion onan analogcomputerby usingthe modeldescribed in reference 27. Reactiv-
ities were inserted as ramps with a characteristic ramp time of 0.7 second, the trans-
port time of the poisonsolution through the reactor core.

(4) The cadmium"self-shielding" is assumedto benegligible; that is, the reactivity
worth of cadmiumon the control elementwalls is the sameas if the cadmiumwere homo-
geneouslymixed with the poisonsolution.

Also shownin figure 57 is the assumedlimiting maximum temperature rise in the re-
actor (100° R (55.5° K)), which correspondsto a reactivity insertion of 0.035 percent
Ak/k. If the reactivity worth of cadmiumdepositedon the control elementsmust be lim-
ited to 0.035 percent, the cadmiumdepositionmust be limited to about0.8 microgram
per squarecentimeter. Greater amountsof depositioncould be tolerated if the cad-
mium 113enrichmentwere reduced. For example, about6 micrograms per squarecen-
timeter of natural cadmiumwouldbeworth the sameas 0.8 microgram per squarecen-
timeter of 90 percent cadmium113enrichment.

Whencadmiumis depositedon the tubewalls, the effective margin of control is re-
duced. For example, as poisonsbuild up in the reactor, suchas xenonandsamarium,
cadmiummust be removedfrom the control systemto maintain criticality. About6 per-
cent Ak/k (ref. 26)worth of cadmiummust be removedto override thesepoisons. Any
part of this 6-percent-Ak/k worth which is present as depositedcadmiumcould not be
removed.

The same tests usedto studygasgenerationdueto corrosion were usedto determine
the extentof thermal instability of the cadmiumsulfate in unirradiated solutions. The
range of operating variables tested is summarized in table 9. In these tests the same
metallic specimenwasusedto determine corrosion and cadmiumdeposition. Other ex-
periments (ref. 28) that use electrons from a VandeGraaff accelerator were conducted
to determine the stability of the cadmiumsulfate solutions in a radiation environment.
Electrons were usedto simulate the reactor environment (neutronand gamma)because
no reactors were availablewhich couldduplicatethe doserates expectedin the TWMR
control systems (150W/cm3) andVandeGraaff experimentsare generally less expensive
than in-pile experiments. Calculations (ref. 25) also indicatedthat for the samedose
rate, the VandeGraaff experimentswouldproduceconservative (equalor greater insta-
bility) results.

The thermal instability test results indicate that
(1)The cadmiumdepositionon the heatedZr-2 surfaces is about1.3 micrograms per

square centimeter _:150percent (1 standarddeviation) for a solution temperature of
810° R (450° K).

(2) At temperatures of 810° R (450° K) and less, the cadmiumdepositiondid not in-
creasewith exposure (between100and 500hr).
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(3) Cadmium deposition on stainless steel is generally 2 to 10 times greater than that

on Zr-2 surfaces.

(4) Large amounts of cadmium residue were found in the test loop and autoclave com-

pared with the amount found on specimen surfaces.

The radiation stability test results indicate that

(i) The cadmium deposition on Zr-2 surfaces is I.0 microgram per square centi-

meter +22 percent (I standard deviation).

(2) The deposition can be reduced by lowering the solution pH. For example, the

deposition might be reduced by a factor of 3 ifthe pH of the solution is reduced from the

unadjusted value (pH _ 6) to a value of 2.0.

(3) Some of the cadmium redissolves when the radiation is stopped (reactor shut-

down).

The total cadmium deposition (2.3 _g/cm 2 ±150 percent) due to thermal and radi-

olytic instabilities was estimated by summing the depositions obtained from tests just

described. For 90 percent enriched cadmium sulfate solutions, this amount of deposition

could cause a fuel temperature increase of nearly 300 R ° (167 K °) if the sloughing acci-

dent occurred. The fuel temperature rise could be held within limits by reducing the

cadmium 113 enrichment to about 20 percent. Figure 58 shows the cadmium concentra-

tions required for hot critical and shutdown reactor conditions as a function of cad-

mium 113 enrichment. If the cadmium 113 enrichment is reduced from 90 to 20 percent,

the hot critical concentration of total cadmium in solution would have to be increased

from 1.4 to 4.8 milligrams per cubic centimeter, and the shutdown concentrations would

have to be increased from 1.9 to 6.2 milligrams per cubic centimeter. The effects of

this increase in concentration on the extent of gas generation and stability would have to

be experimentally investigated.

Other methods of reducing the severity of the sloughing accident are

(1) Precoating the control elements with cadmium depleted in cadmium 113

(2) Reducing the solution pH by adding sulfuric acid

(3) Providing an auxiliary fast-acting control device which would reduce reactor

power and fuel temperatures before the fuel temperature limit is reached

GAS CONTROL SYSTEM - METHOD OF FABRICATING CONTROL ELEMENT

Another method of controlling reactivity in the TWMR utilizes helium 3 as a neutron

absorber (ref. 29). Reactivity is varied by changing the density (pressure) of helium

held in control elements uniformly distributed throughout the reactor core. Two types of

gas control element geometry are discussed in reference 29: interstitial, in which the

gas is held in control elements placed in the interstitial region between fuel elements
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(fig. 59(a)), and circumferential, in which the gas is held in control elements which com-

pletely surround a fuel element (fig. 59(b)). The interstitial element is constructed with

two concentric aluminum tubes to form an annular gas passage. These tubes are inter-

connected by aluminum distribution ducts at the exit end of the core for transporting he-

lium to and from the reactor core. The circumferential elements of interlocking hexa-

gons surround each fuel assembly.

The circumferential or hexagonal control element offers simplicity of fabrication and

structural strength as potential advantages over the interstitial concept. The hexagonal

control element design incorporates a pattern of thin aluminum ribs on the inner or gas-

side surface to aid in heat removal and to reduce the temperature rise across the gas.

These ribs absorb the kinetic energy of the protons and tritons produced in the

2He 3 (0 nl, lpl), H 3 reaction and reduce heat generated in the gas. This rib pattern oc-

cupies 20 percent of the space between walls. A perspective view of the interlocking hex-

agonal control elements including the rib pattern is shown in figure 60.

A 2- by 3-inch (5.08 by 7.62 cm) section of the wall of a typical circumferential con-

trol element was fabricated from aluminum to demonstrate fabrication techniques. The

ribs were chemically etched in a 0.060-inch-thick (1.52 mm) aluminum plate leaving a

0.020-inch (0.51 mm) plate with a 0.040-inch (1.02 ram) fin height, as shown at the right

in figure 61. Another 0. 020-inch-thick (1.02 mm) plate was used as the mating wall.

The two surfaces were seal welded and the fin surfaces were spot welded to the mating

surface by using an electron beam welder. One of the two assembled test cells is shown

at the left in figure 62. The tube shown was used for leak testing.

One test cell was internally pressurized to 125 psig (86.2 N/'cm 2 gage) and a '_helium

sniffer" was used to detect any helium leaking outside the cell. The cell was also exter-

nally pressurized with 500 psig (345 N/cm 2 gage) helium and the 1//8-inch (3.2 mm) cell

line was examined to detect internal leaks. No leaks were detected and post-test visual

examination revealed no damage.

A second test cell was subjected to the same external pressure test, and no leaks oc-

curred. During the internal pressurization test, however, helium was detected after

pressurizing to 75 psig (52 N//cm 2 gage). Post-test examination indicated the spot welds

in the central region of the cell were misplaced and did not contact the fins. Some spot

welds in the peripheral region of the cell which were correctly positioned failed, ruptur-

ing the skin and causing the leak. These cells were only visually examined prior to test-

ing. These pressure tests were used to indicate the quality of the fabrication technique.

In normal operation, the moderator pressure is higher than the gas pressure and there

will be no load on the spot welds. Even if the moderator pressure were lost, the internal

gas pressure is no greater than 60 psi (41.4 N/cm2). It would appear that the fabrication

techniques employed to produce these samples are basically satisfactory for a flight sys-

tem.
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STUDIESOF OTHERCONTROLSYSTEMS

The control systems previously described offer a great deal of reactor performance

advantage since each fuel element is symmetrically surrounded by control devices pro-

ducing little or no circumferential power distortion. In addition, since regulation occurs

by uniform variation of the amount of absorber in these devices, the axial and radial

power distribution is not perturbed.

However, to determine the penalties incurred by the use of a control system which

cannot fulfill these goals, a study has been made of systems employing mechanical con-

trol devices. Some of the results from the heat-transfer portion of this study are pre-
sented in this section.

In determining the thermal characteristics of a nuclear reactor utilizing a mechani-

cal control system, several assumptions are necessary in order to compare its perform-

ance with a reactor using a control system in which the poison is uniformly distributed.

Basically, the assumptions require that the total hydrogen flow rate and total reactor

power be held constant. This will ensure that the mixed mean gas temperature and spe-

cific impulse remain constant for all systems considered. The core length, pressure

drop, etc., can then be used as a measure of the merit of such control systems.

Another assumption which was made throughout this study was that the hydraulic

characteristic of all the flow passages in a fuel element were the same (i. e., equal equiv-

alent diameters}. Because any deviation from this condition must be superimposed on

the reactor using either liquid or mechanical control, consideration of the problems as-

sociated with nonuniform flow passage hydraulic diameter (discussed in the section Per-

formance of Honeycomb Fuel Assembly, p. 51) was not necessary for the purpose of this

study.

Thermal Analyses of Reactors with Push-Pull Control Rods

In a nuclear reactor that uses push-pull control rods, there are several methods of

rod programming or fuel zoning by which the necessary reactivity can be achieved.

Heat-transfer calculations were made for some of these methods of reactor control as

listed in table 10. In each case, 19 control rods were distributed within the core, as

shown in figure 62.

One of the inherent problems in push-pull control rod systems in which rods enter

from the inlet end of the core systems is the resulting axial power distribution. Fig-

ure 63 shows comparisons between the reference design axial power distribution and

those associated with the three cases listed in table 10. In each of the rodded core situ-

ations, the relative power in the exit portion of the core is higher than that for the refer-



encedesign. Higher surface temperatureswill probably result in that region for the
sameabsolutepower level. To reducethe local absolutepower level, core length or
core diameter must be increasedto achievea giventotal core power. Increasing the
length results in higher pressure drops. Increasing the diameter, for the samepower
andflow rate, reducesthe heat-transfer coefficient betweenthe gasandmetal andthere-
fore tendsto defeatthe purposeof the size increase.

Circumferential powervariation in individual fuel elements is another problemwhich
may causedifficulty in a core controlled by push-pull rods. It canbe seenin figure 62
that, for axial portions of the core in which rods are present during operation, the power
will bedepressedin the circumferential portion of the fuel elementsadjacentto the con-
trol rods. Figure 64(a)showsan experimentally determinedpower distribution for such
a situation (ref. 30). An additional source of circumferential powervariation may be
water-flooding of the spacevacatedby the rods asthey are withdrawn from the core.
This floodingwould occur if thewater moderatorwere usedto cool the control rods and
a dynamicseal were not achievable. Figure 64(b)showsthe experimentally determined
power distribution in a fuel element if the spacevacatedby the adjacentcontrol rod were
occupiedby water (ref. 30).

As a result of the nonuniform circumferential powerdistribution associatedwith the
push-pull control rods, the temperature rise of the coolant in the various passagesof the
fuel element is quite varied. The coolant in thosepassageshaving the greater power
level is heatedto higher temperatures than is the coolant in the passagesin which the
power is lower. This higher coolanttemperature, coupledwith the higher heat flux which
also exists in thesepassages,results in local fuel temperatures which are significantly
greater thanwould occur if there were no circumferential powerdistortion. To reduce
the temperature of thesehot spots to anacceptablelevel, the size of the reactor core
must be increasedover andabovethe increase required becauseof the axial powerdis-
tribution previously mentioned.

Sincecircumferential variations in powermust be taken into accountin roddedcores,
a different computer program than that described in the sectionReferenceDesignUsing
Concentric Fuel Cylinders (p. 42) was used which includes such power variations. Re-

sults for the reference design, with uniform power circumferentially, shown in figure 65,

agree quite well with those shown in figure 39.

The first series of calculations on a push-pull control rod system was made on the

unzoned, single-bank configuration, case 1 (see table 10). These calculations neglected

circumferential power variations in order to get the separate effect of axial power distri-

bution. The results are shown in figure 66 and indicate that a core length in excess of

48 inches (122 cm) is required to keep surface temperatures at or below 5000 ° R

(2780 ° K). A core length of 58.5 inches (148.5 cm) resulted in a maximum wall temper-

ature of 4870 ° R (2710 ° K).
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Similar calculations for case2 (see table 10), which has two fuel zones, resulted in

about the same maximum surface temperature for a 58.5-inch (148.5 cm) core. No such

calculations were made for case 3 (see table 10) because circumferential power varia-

tions will necessarily exist in the high temperature regions of the central area of the

core, as indicated in figure 63(c).

All the remaining calculations were performed by using the circumferential power

distributions given in figure 64 at the appropriate core axial positions. This presupposes

that it is not possible to keep water from filling the vacated control rod space.

The results for an unzoned core, case 1, are shown in figure 67 for three different

core lengths, 58.5, 105, and 132 inches (148.5, 266.5, and 335.5 cm). For the

58.5oinch (148.5 cm) core, surface temperatures are more than 850 R ° (473 K °) higher

than those in which circumferential power variation was not considered. Even the

132-inch (335.5 cm) core experiences fuel temperatures 200 R ° (111 K °) higher than the

reference design core. The extent of the mismatch between the flow rate and the power

in particular passages is indicated by the maximum outlet gas temperature of approxi-

mately 5150 ° R (2860 ° K) compared with the mixed mean outlet gas temperature of

4460 ° R (2480 ° K). Additional evidence is presented in figure 68 in which the thermal

performance of a passage adjacent to the control rod is compared with that of a passage

180 ° away from a rod. A difference of about 1000 R ° (555 K°) exists in outlet gas tem-

peratures and in surface temperatures in the 58.5-inch (148.5 cm) core.

Much the same sort of behavior would exist in the two-zone core. Figure 69 shows

the behavior of passages adjacent to and 180 ° from the control rod for a 58.5-inch-long

(148.5 cm) core, case 2. Figure 69(a) is calculated for the axial power distribution

which would exist at the beginning of core life (see fig. 63(b)). Figure 70 shows the re-

sults of calculations for the end of core life rod position (Ak/k 1.7 percent higher than

the beginning of life). The maximum fuel temperature in this case in 150 R ° (83.4 K °)

higher than in the beginning of life case probably for two reasons: the first is the large

power spike in the more highly loaded region of the core as the rods are withdrawn; the

second is the greater length of the core affected by water flooding the control rod space.

The heat-transfer performance of the two-rod bank core, case 3, is much worse than

that of the other two cases (cases 1 and 2). Results of calculations on a 58.5-inch-long

(148.5 cm) core are presented in figure 70. Here again performance of a passage adja-

cent to and 180 ° from a control rod is shown. These results are for a fuel element in the

outer region. The rods in this vicinity would be completely withdrawn during the entire

operating life of the reactor. The axial power distribution is essentially a chopped co-

sine, as shown in figure 63(c). High fuel-element temperatures exist accompanied by

extreme temperature differences among the passages both on the surfaces and in the gas.

This behavior results from the presence over the entire length of the outer core region of

the circumferential power variations associated with flooded control rod positions.
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As statedearlier, all thesecalculationswere madefor a core containing19 control
rods. If manymore less absorptive rods were used, the circumferential power variation
andthe accompanyingpoor performancewouldbe greatly improved. Suchanarrange-
ment, of course, would present mechanicalandspaceproblems. Another methodof im-
proving performanceof roddedcores is to inducea large amountof mixing in the axial
spacebetweenstages. In this way, the cumulative effect of the circumferential power
variations wouldbe reduced. The ultimate in this mixing chamberapproachwould be
completemixing betweenstages. A heat-transfer calculationwasmadeby assumingthis
condition for a 58.5-inch-long (148.5 cm) core, case2. The results are shownin fig-
ure 71 andindicate maximumfuel-element temperatures of about4700° R (2610° K).
This value is 900R° (500K°) belowthe calculatedvalue for limited mixing shownin fig-
ure 6903).

It is not obviouswhat sort of effective mixing device shouldbe inserted betweenfuel-
elementstagesto realize this performance improvement in roddedcores. Obviously,
penaltieswill be involved in core pressure drop andaxial length requirements.

The computer program usedin the calculations presentedthus far in this section ne-
glectedconductionin the fuel-element material. The large thermal gradients calculated
with normal mixing in the 1/8-inch (3.2 mm) axial gapbetweenstageswould result in
someconductancetendingto reducethe temperature differences in a givenfuel-element
stage. The results of the previous calculationson the end-of-life condition for the two-
fuel-zone arrangementwere usedas the starting point for a multidimensional heat-
conductioncalculation. These results includedconvectiveheat-transfer coefficients as
well as gasandsurface temperature distributions. Figure 72 comparesthe results of
the conductioncalculation with those in which conductionis ignored. The maximumdif-
ference in fuel-element temperature betweenthe two results is about200R° (111K°)
evenwith the large overall gradient that exists. Theseresults indicate that, in the pres-
enceof high convectiveheat-transfer coefficients, conductionhasonly a small effect in
equalizingfuel-element temperatures.

As a result of the thermal analysisperformed on reactors for nuclear rocket appli-
cation employingonly push-pull type control rods, the following conclusionscanbe
drawn:

(1)The effect of axial powerdistribution aloneis an increase in the required length
of the reactor of 30to 50percent relative to the reference-design core where a uniformly
distributed liquid poisoncontrol system is used.

(2)Whenthe circumferential powerdistribution resulting from a reasonablenumber
of control rods andwater-flooding of vacatedrod spacesis considered, the required core
lengthbecomesextremely large.

(3)The useof interstage mixing devices is an effective meansof reducing the unde-
sirable effects of circumferential power variation. In the limit, completemixing between
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eachstagewill yield results approachingthose for a circumferentially uniform power
distribution. For sucha case, the size disadvantageof the roddedcores wouldbe that
associatedwith axial powerdistribution (item (1)). It is not obvious, however, what form
sucha device shouldtake andwhatadditional lengthandpressure drop penaltieswouldbe
involved.

(4) As a first approximation, the effect of conductionon fuel-element surface temper-
atures may beneglected. In general, discrepanciesless than200R° (111K°) result from
ignoring cond:'_tancefor a reasonabledesign.

ThermalAnalysis of Reactorswith Combination Drum and RodControl

One way to overcome the axial power problem associated with rodded cores is to use

rods to provide shutdown requirements only and to use external drums to supply the re-

mainder of the reactivity swing requirements. Under these circumstances, the rods are

completely withdrawn during operation, and the axial power distribution can be the same

as that for the reference-design core. The only variation in power distribution over the

operating life of the reactor will be that due to control drum rotation.

The thermal problems associated with a nuclear reactor which uses both drums and

rods are somewhat different from those encountered in a reactor which uses only rods or

a uniform poison for control. Normally, to obtain maximum power output of the reactor,

the hydrogen flow distribution among cells is tailored to match the radial power distribu-

tion. For perfect matching of flow to power, the mixed mean exit gas temperature of

each individual fuel element is exactly the same and is equal to the chamber temperature

of the nozzle. Under drum control, a shift in the radial power distribution will occur as

the drums revolve from the all-in to the all-out position. Overheating and overcooling of

various fuel elements will accompany this shift, depending on the relative location of an

element within the reactor. The exit gas temperature of the fuel elements cannot be

equal at all drum positions because of the power shift, and the chamber temperature will

be equal to the mixed mean temperature of the total hydrogen flow rate.

Table 11 shows the shift in power for two specific fuel cells in the drum controlled

core, the center cell and one near the side reflector where the drums are located.

These two cells represent the highest and the lowest power cells in the reactor core.

It is obvious that if the hydrogen flow is tailored based on the drums-in condition,

the peripheral element will overheat considerably because of the 44.5-percent increase

in power which occurs when the drums are rotated to the all-out position. A more logi-

cal approach would be to tailor the flow based on the drums-out power distribution since

the positive shift in power for the center cell (16.4 percent) is less than in the alternate

method.
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To compensate for the mismatch of power and flow which is caused by drum rotation,

it is necessary to reduce the total power output of the reactor until the maximum surface

temperature criteria (5000 ° R (2780 ° K)) is achieved. Figure 73 summarizes the results

of an analysis performed on the drum core with the initial flow tailoring based on the

drums-out condition. It can be seen that the reactor power would need to be reduced by

approximately 15 percent to achieve a maximum surface temperature of 5000 ° R (2780 ° K)

in the center cell. It can also be seen that, under this reduced power condition, the pe-

ripheral fuel element is considerably overcooled with a maximum surface temperature of

3230 ° R (1795 ° K).

While the exit gas temperature of the center cell is approximately equal to the nor-

mal design chamber temperature (4460 ° R (2480 ° K)), the mixed mean chamber temper-

ature has dropped to 3850 ° R (2140 ° K) at the reduced (15 percent) power level as a result

of the much lower gas temperature of the overcooled peripheral elements in the drums-in

condition.

It would, therefore, be necessary to operate the reactor at a power reduced by

15 percent when the drums are in the all-in position; the reactor power could be gradu-

ally increased to the full-power full-temperature condition as the drums are rotated to

the all-out position.

The amount of power reduction required to operate the reactor at the drums-in con-

dition depends on the reactivity held down by the drums. In the TWMR reactor, a signi-

ficant amount of xenon override capability was included. If mission analyses indicated

that less override capability is necessary, the drums-in allowable power level could be

increased.

V. WATERFLOWSYSTEM

In the TWMR, the water serves several functions. First, it serves as a nuclear

moderator for the reactor. In addition to this important function, the water also acts as

a coolant and is the chief reason that a low-temperature metal (i. e., aluminum) can be

used as a structural material so close to the hot propulsion gas.

Lastly, by virtue of the heat added to the coolant as it flows through the reactor, the

incoming hydrogen may be preheated by utilizing a heat exchanger in which the energy is

extracted from the water. The additional heat thus added to the hydrogen brings the tem-

perature of the cryogenic fluid to a level compatible with a full topping cycle, or a com-

bination topping-bleed cycle.

Obviously, a satisfactory design could more easily be achieved if an unlimited cool-

ant (water) flow rate were available. Such a large flow rate would, however, require an

excessive amount of pumping power and larger pumping equipment and would be detri-
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mental to the performanceof the system, particularly if the propellant gasusedto drive
the water pumpturbine were dischargedoverboardas it is in the reference design. It
would appear, therefore, that for optimum efficiency of the system the minimum coolant
flow rate commensuratewith anacceptabledesignshouldbeused.

To obtain a proper balancebetweenperformanceandefficiency, the following crite-
ria must be satisfied under all operating conditions:

(1)The water must havea low enoughtemperature anda sufficient velocity to provide
adequateco, _g of the necessarystructural members.

(2)The water temperature must behigh enoughto prevent freezing in the cryogenic
hydrogen-to-water heatexchanger.

Sincethe amountof energyabsorbedby the water as it flows throughthe reactor de-
pendson the construction andnuclear characteristics of the system, the independentvari-
ablesby which the criteria canbe met are limited to the flow rate of thewater andthe
designof the heatexchanger. The dependentvariable, the operatingtemperature of the
water, canbe controlled by the proper choiceof the two independentvariables but is di-
rectly limited by the choice of structural material usedin the design.

Althoughthe maximum aluminumtemperature is 760° R (422° K) in the TWMR con-
cept, 735° R (408° K) was chosenas a nominaldesignobjective. Therefore, thewater
temperature must be less than 735° R (408° K). At the other endof the scale, the mini-
mumwater temperature must begreater than492° R (273° K) to prevent freezing. This
temperature range (492° to 735° R (273° to 408° K)) canbe refined by additional analysis
to the pointwhere anoptimum choiceof operatingtemperature andheat-exchangerdesign
canbemade.

HEAT SOURCES IN WATER SYSTEM

To establish the proper operating temperature and flow rate for the water, it was

necessary to perform a detailed analysis of the entire system. Collaborative testing was

also required to ensure the validity of the analytically predicted heat-transfer, pressure-

loss, and flow-distribution characteristics.

One of the more important factors in determining the cooling requirements of the

system is the establishment of the heat input to the water. Several sources of heat can

be considered that are either generated in or transferred to the water:

(1) Heat generated directly in the water by neutron and gamma radiation

(2) Heat generated in the aluminum by gamma and beta radiation and transferred to

the water

(3) Heat transferred from the hot fuel assembly, through the aluminum pressure tube

and into the water
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(4) Heat generated in other areas (beryllium top and side reflectors and in the heat

exchanger) and transferred to the water

Figure 74 is a schematic representation of a typical cell in the reactor and figure 75

shows the relative radial power distribution among the 121 fuel elements as calculated in

reference 30. The heat generated in the water due to neutron heating varies as the power

with a calculated average value of 100 watts per cubic centimeter of water.

Gamma and beta heat generation have a somewhat different distribution than the neu-

tron heating and were calculated by using the ATHENA program (see ref. 30). The radial

distribution of heat transferred to the water through the pressure tube by conduction and

radiation from the hot fuel assembly is nearly constant. Figure 76 compares the distri-

bution of the various sources of energy along with the combined distribution for all forms

of heating. The average heating rates are given in table 12.

Superimposed on the radial variation in heating rates is the axial distribution shown

in figure 77. It was assumed that the beta and gamma heat generation has this same axial

distribution. The product of the local axial and radial factors multiplied by the average

heating rate given in table 12 determines the specific heat generation at any given point in

the reactor.

Figure 78 shows the heat transferred to the coolant from the hot propulsion gas by

virtue of conduction through the aluminum pressure tube for each stage. Note that near

the inlet of the reactor, heat is conducted from rather than into the water.

A small quantity of heat is also generated in the heat exchanger, side reflector, and

top reflector. The total heat load on the water system from all sources is 50 917 Btu per

second (5.36×107 J/sec). A breakdown of the individual heating values is shown in

table 13, and the individual heat load from all sources for each cell within the core is

given by figure 79.

COOLING REQUIREMENTS OF CORE

Based on the heating rates discussed in the preceding section, it is now possible to

establish the cooling requirements of the individual cells. Table 14 is the average heat

load for a cell in each of the hexagonal rings and the local value relative to the center

element and the core average. The ratio of the heat load into the water outside the flow

divider tube to that inside the flow divider is about 1.47 (fig. 79).

To establish the total water flow rate of the system, it is convenient to establish a

factor F relating the overall flow requirement to that of the inside-the-divider flow of

the center cell. For the purpose of this calculation, the center cell is assumed to have

the same geometry as a propulsion type fuel assembly. For the nuclear reactor core,

the factor is given by
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F = 121 x 0.74x 2.47

F = 221

where the three multipliers are the number of cells, 121; the ratio of the power of the

average cell to that of the center cell, 0.74; and the ratio of the total cell heat load to

that inside the flow divider, 2.47. Therefore,

YCcor e = 221V¢ic

An additional 13 percent flow is required for the beryllium side reflector in order to

maintain the same coolant temperature rise in the reflector as in the core region. The

total flow requirement relative to that inside the flow divider of the center element is then

given by

Yet = 1.13 VCcore = 250V¢ic

From ideal minimum flow requirement considerations, therefore, the total flow rate

should be 250 times the value necessary to cool the center (or hottest) pressure tube.

Figure 80 shows the flow-rate - inlet-temperature combinations that will result in a max-

imum aluminum temperature of 735 ° R (408 ° If). Because a small change in flow rate

results in a large change in temperature at low flow rates, the flow rate for the center

tube should be greater than about 3.5 pounds per second (1.59 kg/sec) to obtain the best

operating point. At the same time, increasing the flow much beyond 4.5 pounds per sec-

ond (2.04 kg/sec) results in relatively small increases in allowable inlet water temper-

ature. It would appear, therefore, that the design total flow rate for the system lies be-

tween 875 and 1125 pounds per second (397 and 511 kg/sec) depending, of course, on the

heat-exchanger analysis.

Figure 81 shows the radial effect of flow on the maximum surface temperature of the

pressure tubes, if the core inlet reactor temperature is set at 660 ° R (367 ° K). The

ideal radial distribution of flow rate would be the intersection of the family of curves with

the design temperature value (735 ° R (408 ° K)).

Necessity of Flow Divider

As shown in figure 74, a flow divider separates each cell into the distinct water flow

regions, one between the flow divider and pressure tube and the other external to the flow
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divider. This divider was incorporatedinto the designto improve the cooling character-
istics of the pressure tubewithout increasingthe flow rate of the water excessivelyor
lowering the inlet temperature to the point where freezing of the heatexchangermight oc-
cur. The flow divider also ensuresa high velocity stream over the entire surfaceof the
pressure tube, whereas local areas of low velocity might occur if the divider were not
present.

The reduction in water flow rate that is possiblewith the flow divider conceptto pro-
duce a high-velocity region for cooling anda low-velocity region for moderation canbe
approximatedby using a methoddevelopedin reference 30 andthe following equations:

Total temperature rise of fluid:

Q = VdCp(T b - Tin ) (:)

Local temperature difference between fluid and aluminum:

q_x = h(Tw - Tb) x (2)

Heat-transfer coefficient:

Nu-hD- 0.023Re 0"8 pr O.4 (3)
K

The local heat flux _x and total heat input into the coolant Q are the same with or

without the flow divider. Since the fluid properties remain essentially constant for small

temperature changes, equations (1) and (3) can be combined to yield

_/2 (Tb - Tin)l

W 1 (Tb - Tin) 2

(4)

and

_22 \G2/ \D1/

(5)
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G = "vV/Af, and the subscripts 1 and 2 refer to the cases with and without thewhere

flow divider.

For the case with a flow divider, the flow is divided into two streams, one inside and

one outside the flow divider. Thus,

V¢1 : _Vi + _Vo (6)

and

Q = Qi + Qo (7)

The geometric relation of interest for the comparison of the effectiveness of the flow di-

vider in the reference design are

D1 0.2
- - 0. 175

D 2 1.14

Af, 1 _ 0. 8164 - 0.253

Af, 2 3. 227

Equations (1), (2), and (5) to (7) can be combined keeping the maximum aluminum

surface temperature at the same level with and without a flow divider to obtain

V¢2_( 1 _Af, 2_D2_0"251Tw-Tin __I +y_Tb_,l-Tinll 1"25

where

(8)

and

76 V

qo

Qi

/v
O

y-

t

...... lrll ....
v



This expression can be solved simultaneously with equation (4) to obtain the flow increase

required with no flow divider.

In the reference design, the heat added to the water outside the flow divider Qo is

1.47 times that added to the water inside the flow divider. If the temperature rise in the

two streams is maintained equal, the ratio of W o to W i is also 1.47, that is, /3 7

1.47. Inserting these quantities and the previously given geometric relations for the ref-

erence design into equation (8) results in the following relation for a design surface tem-

perature of 735 ° R (408 ° K):

w2 tw- 2.23 - Tb' ;

Wl _ Tb,
__408 - Tb, _t1= 2.23\4-08 Tb,

The results obtained where this expression is combined with equation (4) for an inlet tem-

perature of 660 ° R (367 o K) indicate that the flow rate required without a flow divider is

1.22 times that required with the reference design.

Additional decreases in total flow rate can be achieved. If the flow rate in the inner

passage is maintained at the required value and the outer flow rate is decreased, the

same aluminum temperature can be maintained at lower total flow. The limit for this

type of improvement is the increasing outlet temperature in the outer flow stream and in

the temperature of the mixed streams at the outlet tube sheet. Eventually, the tempera-

ture of the tube sheet would exceed the allowable limit of 760 ° R (422 ° K). As an example

of these effects, if 7 were reduced from 1.47 to 1.12, the reduction in total flow would

be accompanied by an increase in outlet temperature of the slower moving stream T o
from about 710 ° R (394 ° K) to over 740 ° R (411 ° K). For such a situation, the flow rate

without a divider would be 1.4 times that required with the divider.

Another method for decreasing the overall flow rate without increasing the pressure

tube temperature is to decrease the annular spacing between the flow divider and the

pressure tube. By decreasing the hydraulic diameter of the flow passage, the flow rate

can be reduced while the heat-transfer coefficient is maintained. Fabrication tolerances,

orfficing requirements, and pressure drops limit the extent to which the spacing could be

reduced from its reference-design value of O. I00 inch (2.54 mm).

Water Flow Tests

The minimum water flow rate commensurate with maintaining adequate cooling of

the structure will be obtained if the radial flow distribution can be made to match the flow

at each ring corresponding to the 735 ° R (408 ° K) tube temperature shown in figure 81.
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Because of the complex nature of the flow paths within the reactor vessel, the calculation

of pressure losses and orifice requirements necessary to obtain the proper distribution

is somewhat uncertain.

A full-scale water flow test has been performed in which the system was studied to

determine the pressure-loss and flow-distribution characteristics (see ref. 31). In this

flow test, provision was made for readily changing the orifices at the entrances to the

annular flow passages inside each of the flow dividers. Figure 5 shows the arrangement

of these components in the reference design. It was also possible to vary the size of the

holes in the outlet water baffle to modify the distribution of moderator flow outside the

flow divider tubes. The water flow passages through the inlet end reflector were origi-

nally sized in an attempt to get close to the desired radial flow distribution and were not

modified during the test.

The initial orificing was also based on the preliminary estimates of the pressure

loss and ideal flow distribution of the system; subsequent orifice changes were made on

a trial-and-error basis by using the results of the previous tests to estimate the require-

ments of the individual elements. Figure 82 shows the results of the last of eight succes-

sive tests in which the trial-and-error procedure was followed. Also shown is the ideal

distribution replotted from figure 81 and the distribution with no orificing.

Although the radial flow pattern was markedly improved over the range of the eight

test cases, it falls short of the desired distribution. For test 8, the ratio of water flow

outside the flow divider tubes to inside the flow dividers was 1.11 instead of 1.47. It

may be that some of the limitations encountered in the flow test mockup such as a f_ed-

flow passage configuration through the inlet end reflector and significant leakage past the

orifices at the inlet to the flow inside the dividers prevent a ready attainment of the de-

sired distribution. It may also be that inherent aspects of the design cause this difficulty.

Included among these is the uninhibited radial crossflow in the low velocity region be-

tween the inlet end and outlet end baffles.

In any case, if it is assumed that test 8 represents an achievable distribution in the

reference design, a total flow significantly higher than the ideal flow will be required.

In addition, the temperature of the water at the exit of the passages inside the flow di-

viders is lower than that of the water flowing outside the flow divider. The percentage of

flow through the side reflector region for test 8 was lower than that required based on the

heat loads presented in table 13. The total flow in test 8 was adjusted so that the flow in

each ring was equal to or greater than the ideal flow thus ensuring that the 735 ° R

(408 ° K) aluminum surface temperature would not be exceeded.

A comparison of the ideal flows and those resulting from test 8 is shown in the fol-

lowing table:
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Radial flow

distribution

Ratio of outside

to inside flow

Reflector flow,

percent of total

Total flow required Percent of

ideal
lb/sec kg/sec

Ideal 1.47 13 937.5 424 100

Test 8 1. 11 6.3 1040 472 111

Thus, the total flow is 11 percent higher than the ideal; the average temperature of

the water as it leaves the flow regions outside the divider is 717 ° R (398 ° K) compared

with 700 ° R (389 ° K) for the regions inside the flow divider. The variation of beryllium

reflector temperature with water flow through the reflector is shown in figure 83. The

810 ° R (450 ° K) beryllium temperature resulting from the 66 pounds per second

(30 kg/sec) flow in test 8 should present no problem.

The predicted pressure losses for the prescribed flow distribution in the test vessel

are given in figure 84. These values are based on a flow rate of 1040 pounds per second

(472 kg/sec) and were computed by using the analytical methods outlined in reference 32.

A comparison of the predicted and experimental pressure losses throughout the system

is given in table 15.

The experimental results fall close to the predicted values. The one exception ap-

pears to be in the orifice pressure loss where trial-and-error procedures were used in

an attempt to obtain the desired distribution. However, this discrepancy can be attrib-

uted to several possible causes:

(1) The orifice design in the test facility was poor.

For ease of assembly, the orifice was designed as an annulus which could easily be as-

sembled and disassembled over the pressure tube. Leakage between the tube and orifice

became a large factor, particularly for the smaller orifice. Note that when the nominal

leakage was considered (table 15), the results were in close agreement.

(2) The radial flow distribution in the test was fairly uniform, while the predicted

values of pressure were based on the ideal flow distribution.

Possibly, much better agreement could be obtained if the orifice were designed to

prevent leakage. Future tests could be limited merely to testing one element with its as-

sociated orifice rather than conducting a full-scale test.

Based on the results of the full-scale water flow test, the probable pressure loss and

flow distribution can be determined for the reference design. The procedures outlined

in reference 30 were used to determine the pressure losses from the following equation:

_ff)2

AP= C--
2gp
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The values of the constant C for various configurations are tabulated in the reference.

The flow distribution is that from the last of the test runs and the geometry is that of the

reference design.

Pressure recovery due to changes in velocity are evaluated from

APr=P (V22 - _1)
2g

Figure 85 shows the predicted pressure loss and prescribed flow distribution in the

reference design. The overall pressure loss for the system is 153 psi (105 N/cm2). The

reason that this value is higher than the total loss in the test (84 psi (58 N/cm2)) is that,

outside the reactor core section, the reference system was not simulated exactly; for ex-

ample, the heat-exchanger loss was only 29 psi (20 N/cm 2) in the model, whereas it is

66 psi (45.5 N/cm 2) in the reference design. Other differences are in the diameter and

length of the piping and in the regions between the pressure vessel and the side reflector.

Use of Roughened Surface to Improve Heat Transfer

In an effort to decrease the coolant flow rate without adversely affecting the perform-

ance of the core or the heat exchanger, several concepts for improving the cooling ability

of the fluid were studied. One of these innovations, which appears promising, is the use

of a roughened surface to improve the heat-transfer characteristics. A rough surface

tends to increase the turbulence of the fluid, breaking up the laminar sublayer and in-

creasing the film coefficient.

Of the several methods employed by various experimenters to roughen surfaces, the

most promising from the point of uniformity and reproducibility appears to be the use of

a knurled surface (ref. 33). Obviously, the knurling will result in higher friction factors

so that an increase in the pressure loss across the knurled surface occurs.

Some differences of opinion have been expressed by various experimenters (ref. 33)

as to the efficiency of roughened surfaces with regard to the gains derived at a constant

pumping power, that is, whether or not a gain in heat transfer can be achieved at the

same pumping power. While some conflicting data on this subject have been reported,

"only gains have been reported where the flow is through an annulus in which the wall

transferring heat is roughened and the other wall is smooth" (ref. 33).

Since the quoted configuration would be present if the pressure tube were knurled

and a smooth flow divider were used, the application of this concept to the reactor design

seems feasible. In addition, the frictional loss across the pressure tube represents only

a small portion of the total loss in the system, so that a small reduction in total flow
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couldmore than compensatefor a two- or threefold increase in the frictional resistance
across the core.

Experiments conductedwith water flowing in anannular channelshowedthat a
marked improvement in the heat-transfer coefficient results asthe depthof the knurling
E is increased. Those results indicate the heat-transfer andpressure-drop behavior
shownin figure 86.

Any increase in heat-transfer coefficient canbeutilized to advantagein two ways:
(1) At a constantflow, the allowablelevel of water operatingtemperature canbe in-

creasedto achievea higher margin from freezing in the heat exchangerwithout increas-
ing core pressure tube temperature.

(2) At a constantlevel of water operatingtemperature, the flow rate canbede-
creasedwith no increase in metal temperature.

The extentof the first of thesepossible advantagescanbe seenin figure 87which
showsthe allowable increase in core inlet temperature of the water for various ratios of
increasing heat-transfer coefficient. At a flow rate of 4 poundsper second(1.82 kg/sec},
the near optimum knurling roughness(seefig. 88) results in a heat transfer improvement
ratio of 1.75 andan increase of 15° in allowablewater inlet temperature.

The information given in figures 86and87canbeusedto determine the relative
pumpingpower increase across the core with either a constantflow rate (_Yr/_ s = 1.0),

ff_Cr/Ws < 1.0). For this calculation, the approximationsor a constant inlet temperature

were made that the pumping power 0 was proportional to the flow rate times the pres-

sure loss, and that the pressure loss was proportional to the friction factor times the

flow rate squared. These relations can then be expressed as a ratio of the required

pumping power with a rough surface to that required if no knurling were used:

er _ fr (Wr/3

Figures 88 and 89 show the results of this study when the parameters involved are varied

over the range of interest. It can be readily seen that by doubling the pumping power

across the core, the allowable operating temperature can be increased 10 to 30 R° (5.55

to 16.7 K°) at a constant flow rate, or the flow rate can be reduced 10 percent or more

at a constant operating temperature. It is again emphasized that, since the pressure

loss across the core represents less than 5 percent of the total loss in the loop, this fac-

tor of 2 does not have a significant affect on the overall system. In fact, if the flow rate

is reduced, the total pumping power requirements will actually decrease since a

10-percent reduction in flow results in about a 30-percent reduction in the power re-
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quired in the remainder of the loop, thus far offsetting the relatively high increase in the

localized core region.

From the brief analysis presented, knurling the outer pressure tube surface offers

an attractive possibility for improving the performance of the water system.

SIZING OF HEAT EXCHANGER

Within the temperature and flow limits necessary to establish the proper cooling of

the structure in the nuclear reactor, various combinations of parameters will also yield

an acceptable heat-exchanger design (i. e., one in which freezing does not occur under

any steady-state conditions). Figure 90 shows the characteristic behavior of a water-to-

cold-gaseous-hydrogen heat exchanger constructed of aluminum, with hydrogen flow in-

side the tubes, as certain geometry and flow parameters are varied. In each case, the

nonvarying parameters are maintained at values in the known or reasonable operating

range, for example, flow rates, fluid temperatures, and heat load in figures 90(a) and (b);

tube size and spacing in figure 90(d).

Based on these considerations, a heat exchanger was chosen which provides a rea-

sonable margin from freezing without an excessive pressure drop on either the water or

hydrogen side. The important dimensions and temperatures of the heat exchanger are

listed in table 16. In the reference design, the heat exchanger is subdivided into six sec-

tions equally spaced around the reactor core. This heat-exchanger location shortens the

hydrogen and water flow paths and provides more uniform flow patterns in the region of

the core. Each section contains 120 tubes. The use of parallel flow, rather than counter

flow, increases the length of the heat exchanger by 2 or 3 inches (5 or 7.6 cm) but pro-

vides an additional 30 to 40 R ° (16.7 to 22.2 K°) margin from freezing. Efficiency is not

an important factor provided that the length of the heat exchanger is compatible with the

overall core length. The length of the heat exchanger in the reference design is 2.75 feet

(83.8 cm).

The performance of the heat exchanger for various heat loads is shown in figure 91.

At the design-point heat load of 50.9x103 Btu per second (5.37x107 J/sec), a 65 R°

(36 K °) margin from freezing exists, and core aluminum temperatures do not exceed

735 ° R (408 ° K). At lower heat loads, the margin from freezing is reduced, and freezing

will occur at 83 percent of the design value. At higher heat loads, core aluminum tem-

peratures will increase. At 5 percent above the design heat load, the assumed limiting

value of 760 ° R (422 ° I0 is reached in the aluminum. This off-design capability could b,_

made equal for loads above and below design load by a slight change in the reference de-

sign, for example, by increasing the length (see fig. 90(c)).
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Off-Design and Transient Behavior of Heat Exchanger

Calculations of heat-exchanger performance were made over a wide range of flow

rates and inlet temperatures. Included in these calculations were many situations in

which predicted wall temperatures were below the freezing temperature of water, and

icing of the tube walls could be expected to occur.

Figure 92 shows the results of explicit calculations (shown in the figure as symbols)

performed by using a digital tube-and-shell heat-exchanger computer program in which

freezing and the subsequent buildup of ice on the tube walls is accounted for. It can be

seen from these results that, as hydrogen flow is increased for a given set of conditions,

the calculated overall heat-transfer coefficient U increases until ice begins to form

(indicated by solid symbols) and remains fairly constant at about this critical value Ucrit

as additional ice is formed.

This behavior has certain implications with regard to the performance of the system

during transients. If during a transient, the ratio of hydrogen flow to water flow were

high enough to cause some ice to form, the situation would not present a problem unless

the ice blockage would be so great that the increase in heat-exchanger pressure drop

would lower the water flow rate sufficiently to cause overheating of the core structure.

In the reference-design parallel-flow heat exchanger, ice will begin to appear locally at

the exit end as icing conditions are encountered. As icing conditions become more se-

vere, the ice at the exit end becomes thicker and icing spreads axially upstream. For

small thicknesses of ice at the exit end, the length of exchanger in which ice appears is a

small part of the heat-exchanger length. The resulting change in overall water system

pressure drop is also small. Therefore, a significant decrease in water flow rate would

probably not occur until a heavy ice layer had built up at the exit end.

To facilitate calculations of off-design performance of the heat exchanger, the ex-

plicit calculations (fig. 92) were curve fitted with an empirical equation of the form

U= A H2
(9)

for operation free of ice U < Ucrit. After ice begins to form, the overall heat-transfer
coefficient remains essentially constant. The critical value at which ice begins to form

is computed from the empirical equation

U crit = 48(J- N); [Ucrit = 9. 808×105(j - N)1 (10)

In these equations, the following values are used:
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A = 0. 0135 E 2 - 0. 013 E - 0. 0838 + 0.94'/ M - 1. 522 M2;

A= (1. 341 E 2 - 0. 585 E - 1. 712 + 19. 351 M - 31.10 M2)103]

B = 0.8919 - 3. 572 M + 5.878 M 2 + 0.4686 E - 0.2888 E2;

[B=0.8919- 3.572M+5.878M2+l.033E- 1.404E21

S = 0.0545- 0.4859M + 1.689 M 2, IN= 0.0545- 0.4859M + 1.689M 2]

WH 2
j-

WH20

WH20
E-

1000

M Tin,.20492°R Tin, 20273° 1
Tin, H20 - Tin , H 2 Tin, H20 Tin, H2J

An additional aspect of the tendency and effects of ice formation in the system has to

do with the time required to form ice after the heat-exchanger walls have reached the

freezing point. A recent analysis (ref. 34) describes the transient behavior of the ice

layer buildup in terms of the steady-state thickness X s and the dimensionless param-
eters listed as follows:

Dimensionless time:

_" = hl(T l - Tf)T

pLX s
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Subcoolingparameter:

S- cp(Tf - Tc)

L

Thermal resistance parameter:

X s

R- K
1 a

+

he

where K is the conductivity of solidified liquid. Figure 93 shows the interrelation of

these parameters; in particular, the time necessary to reach 98 percent of the steady-

state ice thickness is shown as a function of the subcooling parameter and the thermal re-

sistance parameter.

By utilizing these dimensionless parameters (ref. 32) in conjunction with the curve

fit equation describing the characteristic behavior of the heat exchanger, it is possible

to perform a pseudo-transient analysis of the startup of the reactor to determine the se-

verity of a transient in terms of ice blockage. Figure 94 shows the generalized variation

of the flow rates and inlet temperatures in the heat exchanger during a typical startup

transient. The exact behavior during staxtup and the value of the delay times W, X, and

Y as well as the total transient time Z are dependent on the results obtained from con-

trol studies. Several possible combinations of these variables and the results of the

pseudo-transient analysis for the combinations are given in table 17. In addition to list-

ing the time to onset and end of icing, the table also gives a measure U/Ucrit of the
maximum penetration into the icing regime and the time at which it occurs. The ratio

between the actual overall heat-transfer coefficient and that at which freezing would start

at the same bulk fluid temperature is designated as U/Ucrit. The higher the ratio is,

the greater is the ice thickness. The amount of ice formed at steady-state conditions

corresponding to those at the maximum values of U/Ucrit shown in the table were calcu-
lated and are also listed.

The results obtained for case 1 (shown in table 17) are also given in figure 95 and

can be used to illustrate the applicability of results from this analytical technique. Pos-

sible ice formation can occur during the period from 5.0 to 20.5 seconds, 15.5 seconds

during the 30-second transient. The variation in the dimensionless parameters of refer-

ence 32 are also shown in fi_o_re 95. During the potential icing period, the subcooling

parameter varies from 12. ( to 10.5, while the thermal resistance parameter increases

during the same period fro _ 2.8 to 8.0. In the same interval, the ratio of the real time
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to the dimensionlesstime varies from 0.28 to 0.12.
The precedinginformation is usedto calculate the time necessaryto form 98percent

of the steady-state ice thickness (fig. 93)which varies from 0.54 to 1.68 secondsduring
the icing period. This formation time is, in essence,a delaytime from the beginningof
an icing conditionto the time at which 98 percentof the steady-statethickness has
formed. Sincethis average1-seconddelaytime (0.54 to 1.68 sec) is short relative to
the total time that an icing conditionexists (15.5 sec), the time involved in transient ice
formation is _,_significantin determiningthe thickness of the ice whichwould form during
this startup. Therefore, the results of a series of steady-statecalculationsfor ice thick-
ness, including those listed in table 17 for maximumthickness, shouldbe fairly accurate.

Figure 96showsthe results of sucha steady-stateanalysis of the heatexchanger
using the conditions existing during the icing period of case1. The maximumice thick-
ness is about0. 013inch (0.330ram), considerablyshort of the 0.05 inch (1.27 mm)
necessaryto causeblockageof thewater flow. For this particular startup transient,
ice blockagedoesnot appearto be a problem.

An examinationof the maximumcalculatedthicknessesandthe total times in the
icing condition (table 17)can lead to certain conclusionsregarding those factors in the
startup transient which are of greatest importance in avoidingproblems. As wouldbe
expected,the shorter the startup time Z, the less time will be spent in icing conditions
andthe less likely is overheatingof the core componentsdueto blockage. Table 17also
indicates that a short delay time Y before increasing thewater flow will keepice for-
mation downto low values. It is, therefore, desirable to bring the water pumpup to
speedas quickly as possible.

The exact extentof the icing problem during the startup transient will dependon the
limitations on the designof anenginecontrol system. Studiesof enginestartup tran-
sients (ref. 4) indicatea needfor a modification of the reference designin order to com-
pletely avoid ice formation in the heatexchangerand/or overheatingof the aluminum
pressure tubesduring startup. If theseconditionsmust beavoided, a 20-percent in-
crease in water flow rate maybe required.

HEAT EXCHANGER EXPERIMENTS

A 19-tube version of the reference-design heat exchanger was fabricated (see the

section on FABRICATION OF HEAT EXCHANGER, p. 22) and tested in a facility which

permitted operation over a wide range of both steady-state and transient conditions. The

purpose of these tests was to demonstrate satisfactory operation, to establish the limits

of ice free operation, and to assess the accuracy of calculational techniques for predict-

ing performance. The first series of tests was conducted at steady state in which param-
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eters such as hydrogen inlet temperature, water inlet temperature, and ratio of hydrogen

to water weight flows were varied. These tests were followed by transient tests in which

the effects of various startup parameters were investigated.

Steady-State Tests

The heat balance for these experimental runs is generally accurate within 10 percent.

There is some question as to the exact ortho-para composition of the gaseous hydrogen

even though it was obtained from para-liquid prior to the tests. Since gaseous hydrogen

was mixed with liquid hydrogen in most of the runs, the exact ortho-para composition of

the mixture flowing through the heat exchanger is also questionable. The heat absorbed

by the hydrogen QH2 in the experiments was calculated using normal (75 percent ortho,

25 percent para) gaseous hydrogen and para-liquid hydrogen with their respective flow

rates. Figure 97 is a plot of these values of QH2 as a function of the heat released by

the the water QH20.

A comparison of the experimental overall heat-transfer coefficients with their cor-

responding calculated values is shown in figure 98. The solid symbols represent condi-

tions where ice is predicted. The open symbols represent no ice. The agreement be-

tween calculated and experimental values with no ice is generally better than 10 percent,

while the ice, measured values are generally between 10 and 20 percent greater than the

calculated values.

When ice is present, the calculation of the overall heat-transfer coefficient becomes

more complicated. It is affected by the thermal conductivity of the ice, the temperature

of the surface of the ice on the water side, and the relation between ice thickness and

water flow uniformity. The assumption of a 492 ° R (273 ° K) water-ice interface temper-

ature appears to be valid, as shown in reference 34. The effect of the remaining param-

eters can only be speculative without measurements of the individual heat-transfer coef-

ficients.

Figure 99 is a plot of the total measured hydrogen pressure drop as a function of the

predicted pressure drop. The best agreement between predicted and measured values

occurs without icing. The total pressure drop is made up of the friction pressure drop

and the pressure drop due to change in momentum. When the pressure drop due to the

change in momentum is a large part of the overall pressure drop, the accuracy with which

the heat-transfer coefficient can be predicted affects the accuracy of the prediction of the

total pressure drop.

Isothermal water pressure drops, both measured and predicted, are shown in fig-

ure 100. Here the total pressure drop for a straight section, consisting of the center
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2 feet (61 cm) of the heat exchanger is plotted as a function of the water flow rate. In the

interest of simplicity, the calculation of the pressure drop due to the spacers was done

separately. Figure 100 shows the predicted pressure drop across the heat exchanger

without and with spacers. It can also be seen that the total predicted pressure drop is

less than the measured pressure drop by approximately 40 percent. It is reasonable to

expect that this will also be the case for pressure drop comparisons when heat transfer

is present.

Figure ] _1 is a plot of the measured water pressure drop as a function of the total

predicted pressure drop with heat transfer. Here, for conditions where ice is not pre-

dicted (open symbols) the measured pressure drop is greater than the predicted by the

same magnitude as in the isothermal condition. When ice is predicted, the measured

values are also higher than the predicted values.

When ice is present on the tubes of the heat exchanger, the cross-sectional flow area

is decreased by the amount of the cross-sectional area of the ice. With constant water

flow rate, the pressure drop with ice present will be higher than without ice. Therefore,

if the agreement between predicted and measured pressure drop is better with ice than

without, it would seem to indicate that the ice layer is not as thick as predicted.

The results of this investigation of a shell and tube heat exchanger operating at

steady-state conditions with cryogenic hydrogen flowing through the tubes and water

through the shell can be summarized as follows:

(1) Over the range of conditions investigated, the heat exchanger will operate in a

stable manner even in the range where ice is predicted. These conditions involved de-

partures from normal reference design operation as severe as reducing hydrogen inlet

temperature by 80 R ° (44.4 K°), water inlet temperature by 60 R° (33.3 K°), and in-

creasing hydrogen- to water-flow-weight ratio by a factor of 4.

(2) At conditions where no ice is predicted, (a) agreement between predicted and

measured overall heat-transfer coefficient and hydrogen pressure drop was good and

(b) measured water pressure drop for both isothermal and heat-transfer runs was con-

siderably higher than the predicted values.

(3) At conditions where ice is predicted, the measured overall heat-transfer coeffi-

cient and hydrogen pressure drop were higher than predicted values.

(4) It appears that the actual ice layer was thinner than predicted because the ratio

of measured to predicted values of overall heat-transfer coefficient and hydrogen pres-

sure drop was higher for predicted ice conditions than for no icing.

Transient Tests

During startup of the rocket reactor, the hydrogen and water flow rates, inlet tern-
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perature, and inlet pressure will change with respect to time. Simulated startup tran-

sients were run by using the test heat exchanger to check startup behavior and the accu-

racy of techniques for predicting this behavior.

To simulate these conditions, the six parameters, hydrogen and water inlet temper-

atures, inlet pressures, and flow rates, were programmed, or ramped, in such a way as

they might occur during startup. One such ramp is shown in figure 102 where the inlet

temperature and flow rates of the water and hydrogen are shown as a function of time.

The inlet pressures vary linearly with time between the values shown and the result-

ing parameter values at the beginning (time zero) and end (time = 30 sec) of the ramp are

given. This ramp represents an increase from 17 percent to full power in 30 seconds.

Each data point represents the average of 25 readings taken over a period of 0.64 second.

Prior to the start of the ramp, an attempt is made to obtain steady-state conditions

at the values of the parameters at time equal zero. Steady-state conditions are never

quite realized as it is difficult to maintain constant flow rates and, consequently, constant

inlet temperatures at these low flows.

Measured transient overall heat-transfer coefficients obtained from the ramp shown

in figure 102 are shown in figure 103 plotted as a function of the percentage of total ramp

time. Included for comparison are two ramps similar to that shown in figure 102 but

having one-half and one-fourth the ramp rates. Examination of the figure shows no de-

tectable effect of ramp rate on the transient overall heat-transfer coefficient. Values

below 16 percent of total ramp time are not included as the hydrogen pressure and/or

temperature were near their critical value resulting in uncertainty in the value of the in-

let enthalpy.

Also shown for comparison is the measured steady-state heat-transfer coefficient at

100 percent of ramp time. Comparing this value with the value of the transient heat-

transfer coefficient at 100 percent ramp time indicates that the steady-state and transient

values are the same for this point in the ramp.

Figure 104 is a plot of the transient overall heat transfer for a 30-second ramp sim-

ilar to the one described in figure 102 but with an inlet water temperature 40 R ° (22.2 K°)

lower. Here the heat-transfer coefficient is also plotted as a function of total ramp time.

Three measured steady-state heat-transfer coefficients at conditions similar to those ex-

isting at that instant in the ramp are included for comparison: one at 26 percent of total

ramp time, one at 60 percent, and one at 100 percent. There is good agreement between

steady-state and transient values at times equal to 26 and 100 percent of ramp time,

while at 60 percent the transient value is 12 percent below the steady-state value. This

disagreement may be a result of a lower value of hydrogen inlet temperature at this time

in the transient run than the closest corresponding steady-state run available. It appears

from this curve that the transient overall heat-transfer coefficient can be reasonably well

predicted from a corresponding measured steady-state value.
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Calculations for this run indicate the presence of ice for about the first 18 seconds

(60 percent) of the total ramp time. No blockage or other adverse effects were observed.

From these transient tests it appears that a steady-state map of heat-exchanger op-

eration is sufficient to predict its transient behavior. This is true even for transients in

which ice formation and melting occur. Ramp time seems to have no effect on the re-

sponse to given changes in operating parameters in going from low to full power.

WATERMODERATORSYSTEM CHEMISTRY

Two processes in the water moderator system were investigated as possible sources

of operational problems. Extensive corrosion could result in a decrease of structural

integrity. Even moderate corrosion could result in the formation of quantities of gaseous

hydrogen exceeding the solubility limits of the water. Radiolysis of the water also gen-

erates gases which must be taken into account.

Accumulation of undissolved gas in the moderator system could cause any of the fol-

lowing undesirable situations:

(1) Water pump cavitation and flow reduction

(2) Overpressurization of the system

(3) Power perturbations due to formation and collapse of voids in the moderator

In order to determine the extent of these problems associated with corrosion or radi-

olysis, analytical and experimental programs were carried out and are reported in ref-

erences 24, 25, and 35.

Effect of Corrosion on Structural Integrity

The water moderator is in contact with the pressure vessel components and with the

circulating system components. The great bulk of this material in the reference design

is 6061 aluminum. The remainder is the stainless steel in the pump, the zirconium in

the poison control tubes, and the beryllium reflectors in the core. Interaction between

the deionized water and the materials can result in weakening of the structure due to re-

duction of thickness.

Preliminary investigations of potential problem areas (see ref. 24) indicated that the

total corrosion penetration into aluminum will be less than 0.3 mil (0. 00762 mm) in a

system from which more "noble" materials are excluded. Examples of these more

noble elements are graphite, copper, mercury, silver, gold, lead, and tin. Even minute

quantities of these materials could cause severe localized pitting of aluminum and subse-

quent reduction in strength. The amount of attack in a clean system represents only
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1 percent of the very thinnest aluminumpresent in the loop, the 0.035-inch-thick
(0.889mm) heat-exchangertubes. Sincethe designstress is only 0.8 of the yield point,
no structural problems shouldresult from eventhis amountof corrosion.

Extent of Gas Generation

Estimates of the amount of gas generated as a result of water decomposition were

made by others (refs. 24 and 25). Experiments were also conducted to determine the ex-

tent of hydrogen generation from aluminum corrosion, as reported in reference 35.

The decomposition studies indicate that the amount of hydrogen and oxygen generated

due to water radiolysis depends on water pH, initial hydrogen content, and, to a small

extent, temperature. The equivalent mole fraction of hydrogen (hydrogen plus oxygen)

estimated for 655 ° R (364 ° K) water having no initial hydrogen and unadjusted pH and an

energy deposition of 150 watts per cubic centimeter is 3.2×10-5. The hydrogen content

could be reduced by a factor of about 3 if the pH is reduced to 3.0. Operating with a pH

between 5.0 and 7.0, however, seems to have little effect on radiolytic gas content.

The corrosion experiments duplicated as closely as possible the range of water tem-

peratures, pH, velocities, and heat fluxes expected in the TWMR. The range of vari-

ables investigated is summarized in table 18. The amount of hydrogen generated was de-

termined by several methods including direct measurement of hydrogen, measuring

metal specimen weight changes, and by chemically stripping and measuring the amount of

aluminum oxide produced on specimens. As a result of the experiments, empirical cor-

relations were formulated to predict hydrogen generation per unit area of aluminum sur-

face exposed to test conditions. These correlations were used together with known alu-

minum surface areas and moderator volumes in the TWMR to predict the following hydro-

gen content of the moderator over the flight life of the TWMR:

Condition

100 Percent design

Initial shutdown

Extended shutdown a

Water

temper-

ature

o R oK

760 422

760 422

660 367

Time of

exposure,

hr

1

336

17 500

Total corrosion product (hydrogen)

Aluminum surface

heat

Btu/(s ec) (ft 2)

60

13

0

flux

J/(sec) (m 2)

6.8 xlO 5

1.48×105

0

Hydrogen

content,

mole

fraction

0.14x10 -4

1.3

1.5

2.94x10 -4

aThe extended shutdown data are based on extrapolation of experimental data

obtained for a maximum exposure of 1400 hr.
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The total mole fraction of hydrogen generated in the moderator system including the

corrosion product hydrogen and radiolytic gas is about 3.2x10 -4. The pressure required

to keep various concentrations of hydrogen dissolved in water at various temperatures is

shown in figure 105. The pressures are essentially the sum of the hydrogen partial pres-

sure and the water vapor partial pressure for our situation in which the amount of oxygen

generated is low. From figure 105 it can be seen that a total system pressure of about

350 psia (241 N/cm 2 abs) is required to keep this gas in solution. This gas concentration

is less than the 5×10 -4 mole fraction permissible with the 600 psi (414 N/cm 2) normal

operating pressure. Therefore, all the gas can be held in solution during normal opera-
tion.

During the initial and extended shutdown period, the water system pressure must be

reduced in order to keep the stresses in certain components such as the outlet tube sheet

and pressure tubes to reasonable values. The reference design is capable of a 100 psia

(69 N/cm 2 abs) water system pressure during these shutdown periods. As can be seen

from figure 105, hydrogen concentration is limited to only 0.9×10 -4 mole fraction with

this pressure and 660 ° R (367 ° K) water temperature. Therefore, hydrogen can be ex-

pected to come out of solution.

Effects of Gas Accumulation

Although it is known that pump performance characteristics are affected by the pres-

ence of undissolved gases, no quantitative description of these effects is known. Before

such gas could be accepted as tolerable, experiments would have to be conducted to eval-

uate the magnitude of any resulting flow reduction and what the consequences of this re-

duced flow are for heat transfer.

If adequate provision were not made for the volume changes resulting from gas leav-

ing the solution, the system pressure would exceed the design value of 100 psi (69 N/cm 2)

and rupture of structural components could occur. The reference design incorporates a

pressurizer tank with 5.0 cubic feet (0.142 m 3) of gas accumulation capacity. The flat

portion of the curve in figure 106 represents gas generation up to saturation and a full

(5 ft 3 (0. 142 m3)) displacement of the pressurized tank bladder. It can be seen that the

total 3.2×10 -4 mole fraction of hydrogen can be accommodated in the system without

overpressurization. If the actual gas production exceeded 5×10 -4 mole fraction, the sys-

tem pressure would start to rise, as indicated (see fig. 106), and rupture might occur.

The third possible problem arising from undissolved gas in the moderator is asso-

ciated with reactor reactivity effects. Power perturbations will result from formation

and collapse of gas pockets in the water. It has been pointed out that the estimated gas
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production does not exceed the solubility limits at the operating pressure of 600 psi

(414 N/cm 2) so that no problems of this nature are to be expected under these circum-

stances. At a pressure of 100 psi (69/cm 2) presently required for shutdown conditions,

gas will come out of solution and increase fluid volume into the pressurizer bladder re-

gion. It is not certain where the excess gas would collect under a zero-gravity coast

condition. At restart, therefore, the distribution of the gas in the water system cannot

be defined in the present reference system. The startup sequence has already been out-

lined (see section ENGINE CONTROL, p. ll) and involves circulation of the moderator

and poison-control solution while the reactor is being brought up to some low power dur-

ing which time the fuel and moderator temperatures are raised. The maximum modera-

tor loop pressure during this period is 100 psi (69 N/cm2), and flow induced variation of

gas pockets in the core will cause perturbations in the power level. Since the power level

is low and the water velocities are also low, these perturbations should not cause any

problems with overheating but they may exercise the poison control system to an undesir-

able degree. When hydrogen flow has reached the level where nozzle chamber pressure

is approximately 100 psi (69 N/cm2), the water system pressurizer will start following

nozzle chamber pressure in its approach to full operating conditions.

The presence of gas in the water moderator during this pressurization and approach

to power phase of restart could result in an accident. It can be postulated that for some

reason all the gas in the moderator system is gradually deposited in the core region dur-

ing the warmup period and that the poison-control system has gradually compensated for

this accumulation by removing cadmium from the solution. During the power increase,

the pressurization of the water system will drive this gas back into solution and increase

core reactivity. The change in reactivity associated with this redissolution of the gas in

the system is $4.30. The planned startup procedure calls for an increase in pressure

from 100 to 350 psi (69 to 241 N/cm 2) in about 10 seconds. Although studies have not

been performed on this rate (43 ¢/sec) of reactivity insertion during the approach to

power, it does appear to be significant enough to require further investigation.

If the elimination of gas from the system should become necessary because of this

reactivity problem or because of the previously mentioned pump cavitation or heat-

transfer problems associated with undissolved gas in the water, at least two techniques

could be used.

In the first of these methods, the amount of gas produced by corrosion might be re-

duced. The corrosion tests (ref. 35) included various degrees of preoxidation of the alu-

minum surfaces. The values used in predicting gas generation were based on the best

pretreatment obtained, but there is evidence indicating that a heavier preoxide would re-

duce corrosion. An investigation aimed at optimizing preoxidation to reduce corrosion

without causing spalling may result in a treatment which would reduce the gas generated

to a tolerable level.
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The other method for dealing with the problems of gas is to install a gas removal de-

vice in the water moderator system. Such a device would probably be installed at the in-

let of the auxiliary water pump to separate the water from the gas. It might be something

as simple as a high-velocity elbow. Once the gas is separated at a specific location, its

elimination from the system could be easily arranged using the vacuum of the space en-

vironment.
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SYMBOLS

flow area, ft2; m 2

tube thickness, ft; m

specific heat-constant pressure, Btu/(lb) (°R); J/(kg) (OK)

diameter (equivalent hydraulic diam), ft; m

tube diameter, in. ; cm

dimensionless flow ratio

friction factor

mass velocity, lb/(sec)(ft2); kg/(sec)(m 2)

gravitational constant, ft/sec2; m/sec 2

pump head, ft of water; m of water

film coefficient, Btu/(sec) (ft 2) (OR); J/(sec) (m 2) (OK)

thermal conductivity, Btu/(sec)(ft) (oR); J/(sec) (m) (OK)

heat of fusion, Btu/lb; J/kg

Nusselt number, hD/k

pressure loss, psi; N/cm 2

pressure recovery, psi; N/cm 2

Prandtl number, Cp_/K

heat-transfer rate, Btu/sec; J/see

thermal resistance parameter

Reynolds number, GD/_

subeooling parameter

tube spacing, in. ; cm
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U

V

W

X

X s

Y

Z

£

0

P

P

T

T'

q)

temperature, OR; OK

overall heat-transfer coefficient, Btu/(sec) (ft 2) (°R}; J/sec) (m 2) (OK)

velocity, ft/sec; m/sec

delay time, sec

flow rate, lb/sec; kg/sec

delay time, sec

steady-state ice thickness, ft; m

delay time, sec

startup time, sec

knurling depth, ft; m

pumping power, hp; W

viscosity, lb/(sec) (ft); N/(sec)(m)

density, lb/ft3; kg/m 3

time to form steady-state ice layer, see

dimensionless time

heat flux, Btu/(sec)(ft2); J/(sec)(m 2)

Subscripts:

b

C

crit

f

H 2

I-I20

i

ic

in

l

O

r

bulk condition

coolant

critical valve

freezing point

hydrogen side of heat exchanger

water side of heat exchanger

inside flow divider

center element inside flow divider

inlet condition

liquid

outside flow divider

rough
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s smooth

t total (condition)

w wall

x axial position

1 with flow divider

2 without flow divider

VI. THRUST NOZZLE

The work conducted on the regeneratively cooled nozzle of the TWMR has been lim-

ited to utilizing current technology available for nuclear rocket nozzles and applying it to

the requirements of the TWMR. The design of the nozzle was divided into two areas:

heat transfer and stress analysis. The heat-transfer calculations were performed for

both the coolant tubes and the backup shell. A limited stress analysis was then performed

taking into consideration both the pressure loading and thermal loading due to the temper-

ature gradients.

HEAT TRANSFER AND PRESSURE DROP IN NOZZLE TUBES

When the coolant tubes were designed for the TWMR nozzle, basic performance re-

quirements were outlined to maintain rocket system compatibility. The first requirement

was to maximize the temperature increase of the coolant fluid (hydrogen). The TWMR

contains a heat exchanger for maintaining the moderator water below 700 ° R (389 ° K).

The heat-exchanger coolant is the hydrogen leaving the nozzle coolant tubes. To prevent

icing of the heat exchanger, it is desirable to preheat the hydrogen as much as possible.

The energy added to the hydrogen also increases the power available in the rocket topping

turbine at some sacrifice in specific impulse.

Since any increase in heat transferred to the hydrogen coolant will tend to increase

the pressure drop in the coolant passages, some compromise is necessary in any design.

For the purposes of this study, a maximum allowable pressure drop of 200 psi

(138 N/cm 2) was established in order to narrow the range of variables investigated. This

value was chosen considering performance of existing nozzles.

The third requirement resulted from the choice of an Inconel alloy as the tube mate-

rial. For tube wall temperature, 2460 ° R (1370 ° K) was used as a reasonable upper

limit. Finally, the fluid velocity of the coolant was limited to Mach 0.50. This require-
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ment is primarily to maintain conservatism in preventinga chokedflow conditiondueto
flow maldistribution in the tubes.

These requirementswere usedto makea designstudy of the nozzleto determine the
effect of various parameters on the nozzle performance. The results of thesestudies are
reported in reference 36. The selectionof the reference-design nozzlewas basedon this
work. The assumptionsmadeandanalytical techniquesusedin the designstudy are sum-
marized in this section. Additional details are given in reference 37.

A nozzlethroat contour anda bell-shaped exit conesuitable for the reference-design
chamberpressure andtemperaturewere selectedbasedondesignspresentedin refer-
ence37. A 40° convergentsectionwasusedto completethe nozzle contour. The nozzle
chamberconditionsandflow rate are requirements of the rocket system, basedon its
estimatedperformance. Thesevaluesat 100percent reactor power are chamberpres-
sure, 600psi (414N/cm2); chambertemperature, 4460° R (2480° K); hot gas flow rate,
90.3 poundsper second(41kg/sec), andcoolant flow rate throughthetubes, 92.7 pounds
per second(42.1 kg/sec).

A secondassumptionbasedon other work is the type of construction selectedfor
study. There are two advantagesfor the tubular configurationused andshownin fig-
ure 107. First, manufacturingmethodsfor this type of tubehavebeenestablished. Sec-
ond, for anygiven diameter of the nozzlecontour, the total tube flow area canbe inde-
pendentlydetermined by choosingthe b dimension. The numberof tubes is held con-
stant andis chosento give reasonablevaluesof b andtubeheight to width ratio for the
desired flow areas. The reference-designnozzlehas224tubes.

Althoughan actual flight nozzlewill probablyhaveanarea ratio of the order of 100,
for heat-transfer andpressure-drop purposes, the nozzlewas convectivelycooledout to
anarea ratio of 40. Beyondthis area ratio, suchcooling is no longer required. There
is little advantagein extendingthe cooling tubesbeyondthis ratio since the amountof heat
which wouldbe addedto the coolant is small.

The remaining designassumptionswere madein order to simplify the calculations:
effective heat-transfer area is 1.25 times that computedfor the surface tangentto the
coolanttubes (seefig. 107); one-dimensionalslab-geometry heat-conductionanalysis
neglects circumferential andaxial conduction,andnowheredoesthe hydrogenenter two-
phaseflow.

A heat-transfer computerprogram wasusedto obtain a balancebetweenthe hot-gas-
side heat flux entering the wall, the wall conductionprocess, andthe heatflux carried
awayby the coolant. The nozzlecoolantpassageswere divided into a numberof stations
along their flow length. The dimensionsof the coolantpassages(area andhydraulic di-
ameter), the isentropic equilibrium properties of the hot gas, andthe initial thermody-
namic properties of the hydrogenwere assignedto the respective stations. A more de-
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tailed description of the calculational techniques used in the program is given in refer-

ence 36.

Several assumptions were made in determining the properties of the hot gas at each

station. The calculation of these properties must account for the energy released by

changes in chemical composition of the exhaust gas. Equilibrium flow was assumed dur-

ing the isentropic expansion process. One-dimensional flow was assumed to occur in the

convergent section. In the throat and exit cone, one-dimensional flow was modified as

discussed in the following paragraphs.

A computer program (ref. 38) is available which provides nozzle temperatures and

pressures at hydrogen equilibrium conditions in one-dimensional flow for assigned cham-

ber temperature, pressure, and area ratios. The output data were corrected by using

data on ratios between measured mass velocities and those predicted for one-dimensional

flow in bell-shaped nozzles. These ratios, shown in figure 108, were applied to establish

two-dimensional-flow properties at an equivalent one-dimensional flow position. Similar

ratios for conical nozzles are given in reference 39. In addition to the isentropic prop-

erties, this program also provides the characteristic velocity of the hydrogen resulting

in an accurate sizing of the nozzle throat using the expression

C *W
A-

(144)Pchg

The gas properties thus determined were used in the heat-transfer program to cal-

culate wall temperatures on both the hot gas and coolant sides, coolant temperature, and

coolant pressure at each station. In the course of the work reported in reference 36,

several configurations were calculated. One of these, designated case 8B, performed

quite well in the reference-design system. The calculational results for this case and

others to be discussed are presented in table 19. Although further improvement may be

possible, this design was adopted as the nozzle reference design. Figure 109 is a sche-

matic drawing of the reference-design nozzle. Figure 110 is a plot of the coolant flow

area, and figure 111 shows the results of the code calculations. These calculations do

not include the nozzle extension, the cylindrical section between the converging section,

and the core exit. An additional calculation, case 11 (table 19), was made taking into ac-

count the extension. It can be seen that the presence of the nozzle extension raises the

coolant temperature by 17 R ° (9.4 K °) for a total AT c of 136 ° R (75.6 ° K) and increases

the pressure drop by about 1 psi (0.69 N/cm 2) for a total AP c of 133 psi (91.6 N/cm 2)

at full power.

Several calculations were made to explore performance at off-design conditions of

various parameters.

_ _"i ^ i i r I f'_ r" I I "'r I A I
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Inlet Coolant Pressure (Case 19)

Inlet coolant pressure was changed from 1203 to 1500 psi (830 to 1033 N/cm 2) to

measure the effect of such a change in operating conditions. Figure 112 is a plot of the

results for this case. Comparison of these results as listed in table 19 with those of

case 8B shows that the wall temperature is slightly lower, the AP c is lower by 22 psi
(15.2 N/cm2), and the temperature change is higher by 9 R ° (5 K°). Since this case rep-

resents quite a large change in inlet pressure, nozzle performance does not appear to be

very sensitive to this parameter. Therefore, one could assume that the nozzle for an

all-topping cycle would give the same sort of performance even though inlet pressures

are higher. It may be of interest to note that the increase in temperature rise is accom-

panied by a decrease in pressure drop. The higher pressure level results in smaller

changes in hydrogen density and therefore lower momentum pressure drops.

Power Level and Flow Rate (Cases 101 and 302)

Conditions for these cases were reduced power and flow to maintain specific impulse

at lower thrust. Inlet conditions for the nozzle were approximated by back-calculating

pressure drops and temperature changes through system components downstream of the

nozzle. The results appear in table 19 and in figure 113. Wall temperatures are lower

than at full power and pressure drops are lower. The coolant temperature rise in both

cases, however, is higher at these low powers than at full power.

Power Level (Cases 200, 201, and 202)

These cases were made for operating conditions in which the flow was kept at 60 per-

cent of full flow but the power was at less than 60 percent of full power. The result was

reduced chamber temperature and pressure in the nozzle. Wall temperatures were, of

course, lower for these cases than for case 101 in which flow and power were both

60 percent. Case 200 (47 percent power) results are plotted in figure l13(a) for compar-

ison with those for case 101. In case 201, the effect on the nozzle of bypassing about

20 percent of the flow around the nozzle cooling passages and heat exchanger was investi-

gated. The resulting maximum wall temperature was 67 ° R (37.2 K°) over case 200 at

the same power with no coolant bypass.

Case 202 shows again the effect of changing nozzle coolant inlet pressure, this time

at reduced power and specific impulse. The inlet pressure for this case is 481 psi

(331 N/cm 2) compared with 627. 5 psi (432 N/cm 2) for case 200. In this instance again,
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as in cases8B and19, increasing inlet pressure hada small effect in increasingthe tem-
perature changeandreducing the pressure drop.

Other Calculations

Case 13 was a calculation for full power operation with a wall thickness of 0.006 inch

(0.15 mm) instead of 0. 010 inch (0.25 mm). Wall temperatures for this case were

lower.

The remainder of the cases listed in the table were run at various reduced powers

and a variety of chamber temperatures to get some idea of the operating map for the ref-

erence design. None of them indicated any problem with regard to overtemperature of

the cooling tubes or unusual coolant temperature rise or pressure drop behavior. Some

of the values listed were used to check the computer representation of the nozzle used in

system dynamic and control studies. Results of this work are presented in reference 4.

NOZZLE TUBE STRESSANALYSIS

Calculations were made to estimate the hoop stresses in the nozzle tubes for the

100 percent power case. Longitudinal stresses in the tubes were not calculated. The

following assumptions were made for these calculations:

(1) Nozzle tubes and backup shell are fabricated from Inconel X.

(2) Chamber pressure is contained by the backup shell and not the tube bundle.

(3) The axial position of the most critical stress condition coincides with that of the

maximum tube temperature.

(4) The average circumferential tube temperature determines its expansion.

(5) The backup shell is at 530 ° R (294 ° K).

(6) Calculations assumed elastic behavior and no internal heat generation.

The maximum temperature of the tube wall occurs on the hot gas side of the tube

(point A in fig. 107) and is shown in figure 111 to be approximately 3 inches (7.62 cm)

upstream of the throat. Stresses present in the tube wall at this point are thermal, in-

ternal pressure, compressive, and bending. The superposition of each ot these was used

to determine the total stress in the tube wall at point A of the hottest axial region.

The main thermal stresses in the tube wall are caused by the temperature gradient

which exists in the tube thickness between the coolant side and hot gas side. This re-

sults in compression at the hot side and tensions at the cold side of the following magni-

tude:
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Eot(TGw - TCW)

_0B = 2(1 - 7)

A tensile hoop stress exists in the tube wall resulting from the pressure difference

across the tube wall. The internal pressure of the coolant is higher than that of the hot

gas in the nozzle. The magnitude of this hoop stress is

(Pcs- PGS )r

trAP = t

The final two stresses considered, compressive and bending, are the result of the

tangential load U shown in figure 107. This load results from the radial restraint of

the cool backup shell on the tube bundle. Such a load causes stresses at point A which

are opposite in direction to both the tube wall bending and pressure difference stresses.

If only the stresses in the tubes normal to their axis are considered, it would appear that

a rigid backup shell might reduce the net stress. Such a rigid shell, however, would also

increase the restraint of the hot portions of the tube wall in the axial direction causing in-

creased longitundinal compressive stresses and a tendency to buckle tube walls. The

final compromise between these two tendencies must result from detailed stress and

strain analyses of both plastic and creep behavior of the structure. For the present cal-

culations, a reasonable degree of restraint was chosen based on an average hoop stress

of 34 000 psi (2.34x102 N/cm 2) in the backup shell wall. (A lower stress would represent

higher values of U and decreased net stresses in the tube wall.) This assumed value

for stress resulted from a qualitative consideration of stresses in the backup shell. Be-

cause a temperature gradient will exist across the backup-shell wall thickness, thermal

stresses will exist that will cause little radial deformation. The rigidity of the backup

shell depends on the stress available in the material to carry tangential loads after allow-

ance has been made for the thermal stresses. Rough estimates of these thermal

stresses indicated that, with the Inconel alloy at about room temperature, the assumed

value for hoop stress is reasonable.

The diametral force per unit length U on the tubes was calculated from the differ-

ence in deformation between the individual tube and the portion of the backup shell asso-

ciated with it. Increase of the tube diameter results from unrestrained growth due to

pressure difference SAp and increase in temperature 5AT. Expressions for these

quantities are

6Ap =

2(Pcs- PGS)r 2

Et
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The increase in the length of the portion of the shell associated with one tube due to

the hoop stress is

2ra S
5 S -

E

The net deformation of the tubes caused by the force U is

6to t= 6Ap+6AT - 5 S

From the expression in reference 40 for deformation of a tube due to a concentrated

diametral force acting along the entire length,

V

5totEt3

(1 - v2)r 3 1. 789

In all calculations to determine U, material properties at the average circumferen-

tial tube temperature were used. The resulting tensile bending stress at point A from

the same reference is

1. 092 Ur
t7B -

t 2

The compressive membrane stress due to the force U is

The compressive stress at the hot surface of the tube, point A, is equal to the sum

of the bending and pressure stresses, aB + CAP' subtracted from the sum of the mem-

brane stress and thermal stress, ¢u + %B"

Calculations were made for full-power operation with three different nozzle tube

thicknesses: 0.010, 0. 008, and 0. 006 inch (0.254, 0.203, and 0. 152 mm), and the re-

sults are given in table 20. Included in the table are the stresses in the tube wall with no

restraint by the backup shell. It can be seen that the thermal stresses due to the temper-
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ature gradient across the tube wall predominate. As wall thickness decreases, the tem-

perature gradients decrease and the total stress picture improves. For 10 hours of oper-

ation at a maximum temperature of 1700 ° R (944 ° K), all three thicknesses appear to be

satisfactory for Inconel X if the backup-shell rigidity is taken into account. If there is no

backup-shell rigidity, the 0. 010-inch (0.254 mm) design may be somewhat marginal.

HEATTRANSFERAND STRESS IN FLANGEAND BACKUP SHELL

The tube assembly which forms the nozzle contour for the hot gases is a brazed as-

sembly that in itself cannot withstand high pressure loads. A backup shell, therefore, is

required from the gas inlet region extending past the throat. A flange for attachment of

the nozzle to the reactor pressure vessel is incorporated into the backup shell (see

fig. 109).

The static pressure of the hot gases exhausting through the nozzle at 100 percent

power varies from 600 psia (414 N/cm 2 abs) in the chamber to 1.2 psia (0.83 N/cm 2 abs)

at an area ratio of 40. The backup shell extends from the high-pressure region past the

throat section terminating where the hot gas static pressure has been reduced to 33 psia

(22.8 N/cm 2 abs). Beyond this region, continuous support of the brazed tube assembly

is not required.

The flange and backup shell structure must be designed so that internal heat genera-

tion due to gamma radiation does not result in either excessive metal temperatures or

prohibitive thermal gradients. These requirements are particularly important in the

flange region.

Although the flange and backup shell constitute an integral assembly, the heat-

transfer analyses were conducted separately. The work on the flange was aimed at de-

termining the extent to which complicated cooling passages have to be incorporated into

the flange. It was also desirable to determine what coolant flow rates and pressure drops

would be necessary to accomplish the required temperature control of the flange. It was

assumed that the flange coolant would be bled from the plenum into which the nozzle tubes

empty and bypass the heat-exchanger rejoining the main flow at the topping turbine.

The amount of material in the flange determines the cooling requirements. The

flange width is determined by bolting and seal requirements and the flange depth by the

pressure differential across the joint. Cooling is easiest to achieve on the inner and

outer circumferential flange surfaces. From flange bolting and seal layouts, it appeared

that a 2.0- to 2.5-inch (5.1 to 6.4 cm) flange width is required. A check was made of

the thermal gradients and temperature levels in such a flange with liquid hydrogen cooling

on only the inner and outer circumferential surfaces.
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The results of this estimate were not encouraging, therefore, a flange design incor-

porating an additional circumferential cooling passage at the middle of the flange width

was adopted. This configuration is shown in figure 110. The heat-transfer behavior of

this configuration was explored by using the model shown in figure 114 and making the

following simplifying assumptions:

(1) The overall flange structural width is approximately 2.40 inches (6.10 cm). The

flange was treated as a straight bar.

(2) The temperature distribution in the outer side of the flange is symmetrical, and

adequate hydrogen flow on the outer periphery will be maintained to remove that portion

of the heat not transferred to the coolant in the slot.

(3) The heat-transfer coefficient hf on the inner periphery is 1025 Btu/(hr)(ft2)(°F)

(2.1xl07 J/(hr)(m2)(°K)) estimated from known flow conditions and hydrogen properties

at 170 ° R (94.4 ° K).

(4) The internal heat-generation rate due to gamma heating at the inner flange sur-

face Qo is 4.06×106 Btu/(ft3)(hr) (I.51×1011 J/(m3)(hr)).

(5) The flange material below the slot is ignored, and the calculations are done for a

1-inch-thick (2.54 cm) flange. Resulting cooling mass flow requirements are therefore

per inch (centimeter) of flange thickness.

With these assumptions and the given model, one-dimensional heat-transfer calcula-

tions were made. The slot was treated as a uniform flow passage with heat transfer to

the fluid from its two sides. Radial temperature distributions in the flange material,

coolant pressure drop, and coolant temperature rise were calculated. Itwas assumed

further that hydrogen enters the slot and flows 360 ° around the flange.

The expression for the total heat generated in the inner portion of the flange, ob-

tained by integrating the local volumetric heating rates, is (see fig. 114)

Qo A
q = -- [1- exp(-_ eL2 )]

_e

Of this, some portion is transferred to the coolant on the inner flange surface through

the assumed heat-transfer coefficient hr. The remainder is transferred to the coolant

flowing in the slot. The heat-transfer correlation of reference 41 was used to determine

the heat-transfer coefficient at the cooling slot surface, h2:
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h2
: 0.0208 KC---AF- cFV---c

d \ cv/
8(/# C FCpc F._ 0"4

1 + 0. 0147 _-CWPC.I;
# cP cw/

°.2 = 4.26N102 KC-----F-F- cFV-------C .

d \'CF/ 4fl + 0.0147 _/1

The heat balance at each coolant interface for the right side of the flange results in

two equations which can be solved simultaneously for the wall temperature at the slot

TW, 2:

T K Qo
--+--T - +h +--exp(-,eL2) - 1 +
/_e L2 w, 2 w,f L 2 hfTc, f

2 2_te

=0

_e Tw, 2 + h Tw,
K_K- + Qo [exp(_#eL2)_ 11 - h2Tc

f L 2
L2" e

=0

Once Tw, 2 is established, the maximum temperature in the inner portion of the flange

T2, max can be evaluated from the expression

IT - 1_ Qo
Qo exp(-PeX) w_ 2 Tw, f Qo [exp(_PeL2 ) + +_= - +X + -

T2, max 2K L 2 2 Tw, f 2 K
Pe L2PeK Pe

at

1 tITw, 2 - Tw, f Qo
x= ---ln - +_

'e L2 L2#2e K

The assumption regarding the symmetrical temperature distribution simplifies the

treatment of the outer portion of the flange. The amount of heat transferred through the

outer side of the slot can be determined directly as
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The heat flux through this side wall is then

q _

A hl(Tw, 1 - TC)

and the wall temperature Tw, 1 at the left side of the slot is

=--, xp _e(L2 +a - exp e 2 +a+ +T C
Tw, 1 #ehl

In determining the value of Tw, 1' the heat-transfer coefficient h I is calculated by using
the same correlation from reference 41 cited previously. The equation for the maximum

temperature in the outer portion of the flange that occurs at the midpoint of that region is

Tl, max- exp Pe 2 +a+ + 2 +a+ +Tw, 1
KP e

+(L 2 +a)exp _e 2 +a+

For each station N of the coolant circumferential flow, the coolant properties are

determined from the enthalpy

s, e si e]iN+ 1. + (N - 1)[Outer + q (N - 1)linner
A

The friction pressure drop APf for each station is

APfN, N-I

fLPNV2N

2gd

The total friction pressure drop is
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n

APf= _ APf, N
N=I

The momentum pressure drop at each station is

= W (V N _ VN_I )
APm'N' N-1 A

n

Total AP m = _ APm, N
N=I

Calculations of heat-transfer behavior were made for several versions of the interior

slot configurations, and the results are given in table 22. The slot flow rate for all these

calculations was 0.2 pound per second (90.8 g/sec), and the effects of slot width and slot

location were investigated. At a flow rate of 21 pounds per second per square inch

(180 g/(sec)(cm2)) for a 0.1-inch (2.54 mm) slot, the coolant pressure drop is 261 psi

(180 N/cm 2, case 1). Since the pressure drop available for flow bypassing the heat ex-

changer is approximately 35 psi (24.1 N/cm2), this is intolerable for such a flow scheme.

The 0.2-inch (5.08 mm) slot (cases 2 to 4) with a flow rate of 1.0 pound per second per

square inch (89.4 g/(sec)(cm2)) undergoes a much more reasonable pressure drop. The

coolant temperature increase of 250 ° R (139 ° K) for a flow of 0.2 pound per second

(90.8 g/sec) appears to be satisfactory. The central location of the slot results in a

maximum radial temperature difference of 548 ° R (305 ° K).

Moving the slot closer to the region of high heat generation, cases 3 and 4, tends to

reduce the maximum temperature difference in the right side of the flange. As this pro-

cedure continues, the maximum temperature difference shifts to the outer side of the

flange, case 5. In general, the best slot location is that which results in equal gradients

in both sides of the flange. For our flange width, heat-generation rate, and material, the

slot located at approximately 0.85 inch (2.16 cm) from the inner edge results in equal

temperature differences of 390 ° R (216 ° K). This gradient results in a stress of approx-

imately 58 000 psi (4x104 N/cm2). It would, therefore, appear that one interior cooling

slot plus cooling on the inner and outer flange surfaces should be adequate at the maxi-

mum flange operating temperature of 724 ° R (402 ° K).

Since there is a substantial circumferential gradient, it would appear desirable to

establish at least two flow paths each covering 180 ° of the circumference. In that way,

the temperature gradient would be spread over the entire diameter. With that arrange-

ment, the slot widths could be reduced to 0.1 inch (2. 54 mm) to maintain the flow at

1t
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1.0 pound per second per square inch (89.4 g/(sec)(cm2)) so that the pressure drops

would remain at the 40 psi (27.6 N/cm 2) level.

The cooling requirements for the bolts have not been investigated in this study. If

good thermal contact with the flange can be established and maintained, the cooling pro-

vided for the flange may be sufficient. If not, a separate flow of hydrogen will have to be

used for cooling the bolts.

The temperature distribution in the combined flange and backup shell was then inves-

tigated by using a steady-state multidimensional heat-transfer analysis. This analysis

includes internal heat generation and heat transfer by radiation, conduction, and constant

film and contact coefficients. A two-dimensional calculation of heat transfer in a longi-

tudinal section of the backup shell assembly was made by using the model shown in fig-

ure 115. The resulting temperature distributions in a 0.5-inch (1.27 cm) backup shell

are shown in figures 116 and 117.

The backup-shell temperature distributions were then used to calculate stresses in

various regions of that component. The model and nomenclature for these calculations

are shown in figure 118 and the following assumptions were made:

(1) The exit end of the support shell is free. Integrated nozzle thrust forces to that

point act on the end of the support shell.

(2) Coolant tubes offer no restraint to the nozzle pressure.

(3) In the pressure shell portion of the backup shell, cross-sectional area was used

to calculate an effective thickness. The actual moment of inertia of the shell cross sec-

tion will be higher than that from the effective thickness.

(4) The pressure shell region experiences no temperature change.

(5) The location of axial forces and reactions at the junction of the three shells re-

sult in a couple at that point.

The stresses were calculated in three major steps:

(1) Stresses due to pressure loads only

(2) Stresses due to both axial temperature gradients and pressure

(3) Stresses due to radial temperature gradients

For calculations of the first two types, a computer program (ref. 42), was used to

solve for stresses in thin shells with axial thermal gradients and axially symmetric loads.

Since the program can only handle single continuous shells, the backup shell was broken

into the three major components named flange, pressure, and support shells (see

fig. 118).

Junction interactions among the three shells were determined from equilibrium and

compatibility conditions after influence coefficients for unit junction loads were deter-

mined by using the same program. A final computer run was then made for each shell in

which the junction interactions were inserted as boundary conditions.

The third type of stress calculation was a simplified form for thermal stress in a
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thin cylinder with a temperature gradient through the wall. The total stress would result

from the superposition of results of the second and third type of calculation.

One run was made for stresses due to pressure only, and the results are listed as

case 1 of table 22. Stresses, displacements, forces, and moments are listed at specific

locations. Two different runs were made for combined pressure and thermal stresses

due to axial gradients to bracket the fixity situation at location FS1. Since the model de-

scribes this point as a fixed point, any flexibility of the flanged joint will reduce the cal-

culated discontinuity stresses. Behavior similar to a difference in degree of fixity can be

achieved by assuming different temperature levels for the zero thermal deformation con-

dition. The first of two calculations (case 2, table 21) was made by assuming no thermal

deformation at room temperature and represents a high degree of flange fixity. The sec-

ond (case 3, table 21) was made by assuming no thermal deformation at a temperature of

970 ° R (539 ° K), previously calculated at point FS1 and represents a lower degree of

flange fixity. The actual stress and deformation condition for the flange shell region

should fall somewhere between the results calculated for these two cases. The more ac-

curate results for the pressure and support shells are those from case 2.

The thermal stresses due to radial temperature gradients in the shell thickness at

various points are listed in table 23. These stresses must be added to the results of the

most accurate axial and pressure stresses from cases 2 and/or 3 of table 22 for the total

stress condition. It is obvious from the calculational results listed in tables 22 and 23

that extensive plastic flow would result from the thermal gradients existing in the backup

shell structure investigated.

Certain modifications to the design appear desirable to reduce these gradients:

(1) The stresses due to the radial gradient through the wall thickness can be lowered

by reducing the thickness as much as the pressure loads will permit. Since the stresses

due to pressure loads with the present 0.5-inch (1.27 cm) thickness are small away from

the discontinuities, improvement in this area is easily achieved.

(2) The temperature of the thick junction of the three members comprising the backup

shell should be reduced by decreasing thickness and supplying some additional cooling in

that area.

(3) Since the pressure shell is exposed to coolant on both surfaces, it tends to run

much colder than the other two components. It would, therefore, appear advantageous to

insulate the outer surface of this portion so that it is cooled on one side only.

(4) The rigidity of the flanged joint between the nozzle and the reactor pressure ves-

sel and the relative expansion of the two components is extremely critical. A careful ex-

ploration of these factors will be required in the evaluation of a satisfactory design.

The deformations of the backup shell are important at the location of the flange and

especially at the location of the inner seal. The seal configuration, shown in figure 109,

is sensitive to axial (vertical) displacement. Although this displacement is low for the
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pressure loads, it is intolerably large due to the temperature difference between the

pressure shell region and the flange shell region. Here again, insulation on tne outer

surface of the pressure shell would improve performance. A somewhat different ap-

proach to the seal configuration may merit consideration. If the inner assembly seal

were directly attached to the flange, the temperature differences between the two mem-

bers would not affect the sealing function. An axially flexible sealing member such as a

large bellows convolution could then be used to join the inner seal assembly and the pres-

sure shell, as shown in the alternate backup shell design in figure 119.

SUMMARY OF NOZZLE STUDY RESULTS

The limited investigation of the propulsion nozzle design and performance conducted

in conjunction with the TWMR program indicates the following results:

(1) The design of the cooling passages of a regeneratively cooled nozzle can be opti-

mized for this application in terms of temperature increase of the coolant and its pres-

sure drop.

(2) Cooling-tube structural problems are the same as those for other nuclear rocket

nozzles. Reasonable designs for tube thickness considering stresses in the radial plane

can be achieved.

(3) The backup shell flange requires cooling in its interior regions as well as on its

outer and inner periphery in order to reduce thermal stresses.

(4) The design of the backup shell is critical and complex because of its shape and

the variety of temperatures to which it is exposed. Special cooling to areas other than

the flange may have to be provided, and other techniques such as insulation may have to

be incorporated in order to reduce temperature differences in the structure.

SYMBOLS

A area, ft2; m 2

a slot width, ft; m

b cooling tube height, ft; m

C* characteristic velocity, ft/sec; m/sec

Cp specific heat at constant pressure, Btu/(lb)(°R); J/(kg)(°K)

d hydraulic diameter, ft; m

E modulus of elasticity, psi; N/cm 2

Pt'_tcI _EMTI AI
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f

g

hf

h I

h 2

i

K

L

L 1

L 2

N

n

P

Ap
c

APf

AP
m

Qo

q

r

T

AT c

Tw, f' Tw, 1'_

Tw, 2' Tc, fJ

t

U

V

friction factor

gravitational constant, ft/sec2; m/sec 2

flange inner surface heat-transfer coefficient, Btu/(ft 2) (sec)(°R);

J/(m2) (sea) (°K)

flange slot (outer side) heat-transfer coefficient, Btu/(ft 2)(sec)(°R);

J/(m2) (sec) (°K)

flange slot (inner side) heat-transfer coefficient, Btu/(ft2)(sec)(oR);

J/(m2) (sec) (OK)

enthalpy, Btu/lb, J/kg

thermal conductivity of flange material, Btu/(ft)(sec)(°R); J/(m)(sec)(°K)

station fluid flow length, ft; m

distance from outer flange surface to slot surface, ft; m

distance from inner flange surface to slot surface, ft; m

station number

number of stations

pressure

coolant pressure drop, Apf + APm, psi; N/cm 2

friction pressure drop, psi; N/cm 2

momentum pressure drop, psi; N/cm 2

internal heat-generation rate at inner flange surface, Btu/(ft3)(sec);

J/(m 3) (sec)

total heat, Btu/sec; J/sec

radius, in. ; cm

temperature, OR; OK

coolant temperature rise, OR; OK

temperatures at various locations in flange model (see fig. 114), OR, OK

coolant tube wall thickness, in. ; cm

diametral load, Ib/in. of axial length; kg/cm of axial length

velocity, ft/sec; m/sec
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P

W

X

SAp

5 S

5A T

5tot

Ue

v

P

_B

aAp

a S

atot

a U

aaB

Subscripts:

C

CF

ch

CS

CW

GS

GW

max

1

2

mass flow, lb/sec; kg/sec

radial distance from inner flange surface, ft; m

thermal coefficient of linear expansion, in./(in.)(°R); cm/(cm)(oK)

diametral increase (pressure), in. ; cm

diametral increase (hoop), in. ; cm

diametral increase (temperatre), in. ; cm

total diametral increase, in. ; cm

absolute viscosity, Ib/(ft)(sec); kg/(m)(sec)

energy absorption coefficient for gamma rays, ft-l; m -1

Poisson's ratio

density, lb/ft3; kg/m 3

bending stress, psi; N/em 2

hoop stress, psi; N/cm 2

hoop stress backup shell, psi; N/cm 2

sum of hoop, bending, membrane, and thermal stresses, psi; N/cm 2

membrane stress, psi; N/cm 2

thermal stress, psi; N/cm 2

coolant bulk

coolant film

chamber

coolant bulk static

coolant wall

hot gas bulk static

hot gas wall

maximum

outer portion of flange

inner portion of flange
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TABLE 1. - NUCLEAR AND PHYSICAL PROPERTIES OF MATERIALS

Materials

Aluminum 6061

and 6067

Inconel X-750

Ti-6AI-4V

Zircaloy-2

304 Stainless steel

Density Macro-

scopic

cross

section,

lb/in. 3 g/em 3 Za'

-1
cm

0.098 2.72 0.026

.298 8.25 .359

.160 4.43 .309

.237 6.56 .009

.286 7.92 .308

Thermal expansion from room

temperature to temperature

ind,cated, o

o R in./in./°R OK cm/cm/°K

Thermal conductivRy at temper-

ature indicated, k

°R Btu

(hr)(ft2)(°R) i

760 13.3 422 23.9 760 111

860 7.2 ]478 13.0 860 10.4

860 5.0 478 9.0 860 5.1

860 4.6 478 8.28 860 7.2

860 7.5 478 13.5 860 9.7

°K J

(hr) (m2) (°R)

422 6.91x10 5

478 6.48)< 104

478 3.18

478 4.48

478 6.04

Young's modulus, E

psi N/cm 2

9.@<106 6.21×106

30.0 20.7

14.0 9.65

11.5 7.94

30.0 20.7

TABLE 2. - EQUIPMENT

[Data recording system has flat response, ±3 dB, over frequency range

5 cps to 2 kcps (5 Hz to 2 kHz).]

Description Amplitude range Frequency range

(±3 dB)

Isoply power supplies

Preston Model 8300 am-

plifiers

Honeywell M3300 galva-

nometers

Endevco Model 2226 accel-

erometers

Budd strain gages, Type

C6-121

Honeywell Model 1612

oscillograph

Endevco charge amplifiers,

Model 2711A

MB vibration exciter

Model C210

12to 15 V(dc)

+10 V; +100 mA (peak)

+3 in. (+7.62 cm)

+1000 g' s (peak)

+3000 #in./in. (pro/m)

(max)
(a)

+100 mA (peak)

28 000 lb (1.24_<10 5 N)

maximum force

(a)

de to 10 keps

dc to 2 kcps

10 cps to 5 kcps

dc to I0 kcps (min)

(a)

2 cps to 20 kcps

(2 Hz to 20 kHz)

5 cps to 2 kcps

(5 Hz to 2 kHz)

aNot applicable.

117



t .-_.'-:_,_._,.-_L _,

z

C_

i

Z

0

c_
i

[_

r_

0

0

0

_ E o
L_-

* M

_ _ 0 _

0

:2

.o E ,4

e_ _21 '_ 0

0

o0 _ o
_ r/l 0

b.0
•E _

_ 0

0

_4
v

0

,.4

0

0
0

0

111

_ ._

o_
o

_o

v

_4

0o

o

o

oo

c_

L_

0 0

ooo

v_

NN _

o_

0o o_ o

_o_

_o

_vvv
v

go_
.o

118 • _'_ ..............



p

TABLE 6. - HEAT TRANSFER AND FLOW CONDITIONS FOR CONCENTRIC

CYLINDER REFERENCE DESIGN

Conditions

Inletcoolant gas temperature (allassemblies), OR; OK

Outlet coolant gas temperature (allassemblies), OR; OK

Maximum power fuelassembly:

Fuel assembly heat-generation rate, Btu/sec; J/sec

Coolant gas flow rate, ib/sec; kg/sec

Inletgas pressure, psia; N/cm 2 abs

Gas pressure drop, psi; N/cm 2

Assembly outletaverage dynamic head, psi; N/cm 2

Assembly outletaverage Mach number

Heat loss to pressure tube, Btu/sec; J/sec

Highest support tube temperature in region of fuel stages, OR; OK

Highest support tube temperature, OR; OK

Highest fuel surface temperature, OR; OK

Highest inletReynolds number

Lowest outletReynolds number

Dimensions of all fuelassemblies (hot):

Number of stages in each fuelassembly

Number of fuel cylinders in each stage

Stage length, in.; cm

Inner radius of pressure tube, in.; cm

Radial width of insulation annulus, in.; cm

Unfueled support tube thickness, in.;mm

Thickness of each fuel cylinder, in.;mm

Outer radius of unfueled center tube, in.;mm

Radial width of innermost flow annulus, in.; mm

Radial width of second to ninth flow annuli, in.;mm

Radial width of tenth flow annulus, in.; mm

Radial width of eleventh flow annulus, in.;mm

Total flow area in eleven annuli, in.2 cm 2
2 2

Total wetted surface area in each stage, in. ; cm

Total fuel surface area in each stage, in.2 cm 2

U°S.

Customary

units

322

4460

15 190

0.9566

712

124

12.75

0. 184

26.64

3984

4500

4894

136 000

13 000

26

10

1.500

1.190

0.120

0.015

0.021

0.197

0.041

0.063

0.057

0.046

2.549

129.772

117.972

SI units

179

2475

1.6×107

0.434

491

85.5

8.80

2.815><104

2210

2500

2720

3.81

3.02

3.05

0. 381

0. 534

5.0

1.04

1.60

1.45

1.17

16.43

836

760

TABLE 7. - EFFECT OF ZONING

Assumed conditions and results Unzoned Zoned

Peak-to-average power

Stage where peak power occurs

Highest fuel surface temperature, OR; OK

Inlet pressure, psia; N/cm 2 abs

Pressure drop, psi; N/cm 2

Highest outlet dynamic head, psi; N/cm 2

1.320

13

5051; 2810

717; 495

112; 77.2

13.00; 8.96

1.460

9

4894; 2720

717; 495

124; 85.5

13.25; 9.13
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TABLE 8. - FUEL SURFACE TEMPERATURE FACTOR

UNCERTAINTIES AND CONFIDENCE LEVELS

Identi-

fying

number,

n

5

6

7

8

9

10

Contributing factor

Fuel assembly power

Heat-transfer coefficient

Temperature sensing

Power adjustment

Flow passage width

Stage power

Orifice mismatch

Upper plenum pressure

Cylinder power

Fuel loading

Estimated uncertainty

value

4 Percent

15 Percent

100 ° R (55.5 ° K)

at outlet

50 °R (27.8 ° K)

at outlet

0.002 in. (0.0508 mm)

3 Percent

5 Percent

3 Percent

3 Percent

3 Percent

Assigned con-

fidence level;

number of stan-

i dard deviations

TABLE 9. - RANGE OF VARIABLES STUDIED FOR CONTROL SYSTEM

WATER CHEMISTRY EXPERIMENTS

120

Variable

Materials

Pretest a solution pH

Material surface temperature, OR; OK 675; 375

Heat flux, Btu/(hr)(ft2); J/(hr)(m 2)

Solution velocity, ft/sec; m/sec 5 to 30 (1.52 to 9.15)

Cadmium concentration, (mg Cd)/cm 3

Type of experiment

Flask Autoclave Loop

6061-T6 aluminum; 316 stainless steel;

347 stainless steel; Zircaloy-2;

Zircaloy-4; Zircaloy- niobium

lto7 3.4to 5.9 3

710; 394 830 (461)

760; 422

810; 450

860; 478

0 0 75 000; 8.52x108

0 0

4 4.5 4

160

100 100 9_1-21
500

Test duration, hr

System pressure, psia; N/cm 2 abs 15; 10.3 600; 414 600; 414

aDuring the course of the experiments, no attempt was made to maintain the solu-

tion pH at its initial value.
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TABLE 10. - TYPICAL METHODS OF REACTOR

CONTROL WITH PUSH-PULL CONTROL RODS

Case Number of

axial fuel

zones

Control rod programming

Single bank motion; all rods

withdrawn together

Single bank motion; all rods

withdrawn together

Two-bank motion; outer bank

out, inner bank partly in-

serted at beginning of life

TABLE 11. - SHIFT IN POWER WITH

DRUM ROTATION

Cell

location

Center

Peripheral

Relative power

Drums Drums

in out

1. 567 1. 346

• 520 .751

Percentage shift

from -

In to out Out to in

-14.1 16.4

44.5 -30.8

TABLE 12. - AVERAGE HEATING

RATES IN WATER SYSTEM

Material Source

Water Gamma

Neutron

Aluminum Gamma

Beta

Average heat-

ing rate,

W/cm 3

77.8

100.0

159.8

3.2
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TABLE 15. - TYPICAL COMPARISON OF PREDICTED

Transmitter

25

26

27

28

29

30

31

32

33

34

35

36 5

37 5

38 5

39 5

40 5

41 6

42 6

43 6

44 6

AND MEASURED PRESSURE LOSSES FOR

TWMR WATER FLOW TEST

(a) Orifice pressure losses

45 7

46 7

47 7

48 7

Pressure loss, psi (N/cm 2)

Predicted a Corrected b Measured

o. 80 (0.55)

4.90 (3.38)

4.90 (3.38)

4.90 (3.38)

6.31 (4.35)

7.88 (5.43)

1 o. 80 (0.55)
2

2

2

3

3

3 I

4 5.91 (4.07)

4 5.91 (4.07)

4 5.91 (4.07)

5 7.12 (4.91)
I

abased on ideal orifice dimensions.

14.12(9.74)

0.65 (0.45)

1.03 (.71)
-. 37 (-. 26)

-. 24 (-. 17)

.41 (.28)
-. 07 (-. 05)

.39 (.27)

3.24

2.27

2.29

2.48

3.29

4.61

3.25

3.05

2.60

9.03

6.63

8.06

6.86

(2.23)

(1.57)
(1.58)

(1.71)

(2.27)

(3.18)
(2.24)

(2.10)

(1.79)

(6.23)

(4.57)

(5. 56)

(4.73)

11.31(7.80)

14.41(9.94)

8.69(5.99)

14.48(9.98)

bcorrected for leakage based on nominal orifice dimension.
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TABLE 16. - CHARACTERISTICS a OF REFERENCE-DESIGN

CRYOGENIC HYDROGEN-WATER HEAT EXCHANGER

Characteristic

Water flow rate, lb/sec; kg/sec

Cryogenic hydrogen flow rate, lb/sec;

kg/sec

Number of tubes

Inside diameter of tubes, in. ; mm

Outside diameter of tubes, in. ; mm

Spacing of tubes, centerline to center-

line, in. ; mm

Inlet water temperature, OR; OK

Outlet water temperature, OR; OK

Inlet hydrogen temperature, OR; OK

Outlet hydrogen temperature, OR; OK

Minimum water side tube temperature,

OR; o K

Heat-transfer rate, Btu/sec; J/sec

Margin from freezing, R°; K °

Length of heat-transfer region, in. ; cm

U.S. SI units

customary

units

1040 472

92.7 42.1

720 ........

0. 305 7.75

0. 375 9.53

0. 475 12.1

699 388

654 363

170 94.5

302 168

557 310

5.09><104 5.37×107

65 36

33 83.8

aAt full power conditions.
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TABLE 17. - POSSIBLE VARIATION IN HEAT-EXCHANGER PARAMETERS DURING STARTUP

Variables

Transient Hydrogen Water

time, a sec temperature temperature

Time

Results of icing analysis

Maximum

steady-

state ice

thickness

asee figs. 94 to 96.

Heat-exchanger inlet temperature

_+__ _____+__

)1 2".8tl110 100 680 378t6:

I

I
• I
' I

I

1st
i

700

82.5

22.5

26.0

22.0

19.5

38.5

78.0

22.0 19.5

I0. 5

21.0

• 022

.005

• 013

•013

• 039

• 559

.127

• 330

• 330

• 991

1• 02

• 940

• 025

.025 I

• 025 I
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TABLE 18. - MODERATOR SYSTEM WATER CHEMISTRY

EXPERIMENTS RANGE OF VARIABLES STUDIED

Variable

Material

Pretest material treatment

Pretesta solution pH

Material surface temperature, OR, OK

Heat flux, Btu/(hr)(ft2); J/(hr)(m 2)

Water velocity, ft/sec; m/sec

Test duration, hr

Type of experiment

Autoclave Loop

606 l-T6 aluminum

Oxidized in autoclave and

oxidized by "Alumilite Hard-

coat Process"

5

660; 367

760; 422

0

1400

5

760; 422

48 500; 5. 51×108

360 000; 4.09×109

2; 0.61

15; 4.57

10

351

aThe solution pH was not adjusted during the course of the experiments.
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TABLE 19. - NOZZLE DESIGN CASES

(a) U.S. Customary Units

Case Main Nozzle chamber Nozzle coolant tubes Coolant Coolant Flow rate, Maxi- Wall

flow, condition )ressure temper- Ib/sec mum temper-

percent Inlet condition Exit condition drop, ature wall ature

Temper- Pres- Cool- Hot temper- drop,
ature, sure, Temper- Pres- Temper- Pres- APc' rise,

OR psi ature, sure, ature, sure, psi ATc, ant gas ature, R °

OR psi OR psi R ° OR

8B 100

11

13

19 lr

101 60

200 60

201 60

202 60

302 _7

500

501

5O2

600 21

700 21

4500 600 51.0

4460 360 46.0

3460 312 44.2

3460 312 44.2

3460 312 44.2

4460 219.4 44.8

3460 196.5 42.1

3460 196.5 42.1

3460 196. 5 42.1

2460 94.46 42.5

3460 112.9 42.9

1203 170.2 1070.7 132.3 119.2 92.7 90.3 1865 665

1203 186.2 1069.9 133.1 136.2 1865 665

1203 171.8 1071.7 131.3 120.8 1650 500

1500 179.0 1390 110 126.0 I 11 1830 700

678.8 171.9 591.8 87.01 125.9 55.6 54.2 1692 500

627.5 125.09 571.5 55.95 80.89 55.6 54.2 1330 378

627.5 148.0 586.6 40.9 103.8 43.2 54.1 1360 385

480 121.9 399.4 80.6 77.7 55.6 54.2 1313 399

454.6 186.7 400.52 54.0 141.89 33.9 33 1540 330

340.6 131.3 294.9 45.68 89.2 [ 1200 300

454.6 135.3 422.4 32.2 93.2 _ 1194 293400.0 133.3 362.9 37.1 91.2 I 1186 323

189 89.2 175.1 14.6 46.6 19.47 18.88 790 165

226 146.0 199.5 26.5 103.1 19.47 18.88 1080 210

(b) SI Units

Case Main Nozzle chamber Nozzle coolant tubes Coolant Coolant Flow rate, Maxi- Wall

flow, condition pressure temper- kg/sec mum temper-

percent Inlet condition Exit condition drop, ature wall ature

Temper- Pres- APc, rise, Cool- Hot temper- drop,

ature, sure,2 Temper- Pres- Temper- Pres-
oK N/cm ature, sure, ature, sure, N/cm 2 ATc' ant gas ature, OK

OK N/cm 2 oK N/cm 2 K ° OK

8B 100 2500 414 28.4 830 94.6 739 91.3 66.3 42.1 41.0 1037 370

11 l l 830 103.5 737 91.8 75.7 i 1037 370
13 830 95.4 740 90.5 67.1 917 278

19 _r II 1032 99.5 958 75.8 71.1 V 1018 389

I01 60 2480 248 25.6 468 95.5 408 60 70.0 25.2 24.6 940 278

200 60 1920 215 24.6 433 69.6 394 38.6 44.9 25.2 I 740 210

201 60 1920 215 24.6 433 82.2 404 28.2 57.6 19.6 _ 755 214202 60 1920 215 24.6 331 67.7 275 55.5 43.2 25.2 730 222

302 37 2480 151 24.9 314 103.8 276 37.2 78.8 15.4 15 856 183

500 / 1920 135 23.4 235 67.6 204 31.5 49.6 / 666 167

501 _ 1920 135 23.4 314 75.2 292 22.2 51.9 _ 664 163502 1920 135 23.4 276 74.1 250 25.6 50.6 i 659 179

600 21 1370 65.1 23.6 130 49.6 121 I0. I 25.9 8.85 8.57 439 91.6

700 21 1920 77.8 23.8 156 81.1 138 18.3 57.3 8.85 8.57 600 If7
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TABLE 20. - STRESSES AT OUTER FIBER OF TUBE WALL

(a) U.S. Customary Units

Type of stress

Bending, gB

Thermal, _0B

Hoop, _AP

Membrane, a U

Total, OTtot
Total with no restraint from

backup shell, gB = _U = 0

Wall thickness, in.

0. 010 0. 008 0. 006

Stress, psi

18.3

92.2

3.63

1.40

72

89

xlO 3 14. 10 x103

79.5

4.53

1.08

62

75

10.52)<103

66.5

6.03

• 48

57

60

(b) SI Units

Type of stress Wall thickness, mm

Bending, aB

Thermal, gOB

Hoop, aAp

Membrane, a U

Total, C_tot
Total with no restraint from

backup shell, aB = aU = 0

0. 254 0.2032 0. 1524

Stress, N/cm 2

12.6 ×103

63.5

2.50

.965

49.6

61.4

9.72 xl03

54.8

3. 12

.745

42.7

51.7

7.25><103

45.8

4.15

.33

39.3

41.4
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iim'_ -- _. LF-- i F_ T",L i',r | A n

Case

Case

Slot

width,

in.

O. i0

.20

I'

Slot

width,

mm

2.54

5.08

lr

TABLE 21. - SUMMARY OF FLANGE DESIGN CASES

(a) U.S. Customary Units

Slot lo-

cation,

in.

1.15

1.15

1.05

.95

.75

Weight flow

per unit

area,

lb/(sec) (in. 2 )

Coolant Coolant

pressure temper-

drop, ature

A PC' rise,

psi ATc,

R o

261 250

44 250

39 245

39 238

42 227.8

Maximum temperature

d_ference, R °

Inner Outer

side side

556 233

547.6 217

481 269

417 328.7

302 476

Maximum

temper-

ature of

Circum- flange,

ferential oR

118.8 865. 1

116.8 873

115.9 798

115. 1 724.5

114 589

(b) SI Units

Slot lo-

cation,

cm

2.92

2.92

2.66

2.42

1.90

Weight flow

per unit

area, drop,

g/(sec) (cm 2) AP c ,

N/cm 2

179 180

89 30.4

26.9

26.9
'T 29.0

Coolant Coolant Maximum temperature

pressure temper- difference, K °

ature

rise, Inner Outer
side side

AT c,

K o

139 308 129

139 304 120

136 267 149

132 232 182

126 168 264

Maximum

temper-

ature of

Circum- flange,

ferentml o K

66 481

64.8 485

64.4 443

64.0 402

63.4 327

13o 0



TABLE 22. - BACKUP SHELL STRESS AND DEFORMATION (SEE FIG. 118)

{a) U.S. Customary Units

Case Temper- Loca-

ature, tion

OR

1 --- FSI

FS2

SS1

SS2 -1 190 -I 190

PSI 0 0

_ PS2 -41 500 41 500

2 530 FSI 171 300 -141 000

FS2 4 610 22 600

SS1 -35 700 42 400

SS2 -1 194 -1 194

PSI 0 0

PS2 -227 800 227 800

[

3 970 FS1 I -740 31 100
]

FS2 i -44 400 -68 200
[

SS1 I -34 100 40 900
[

ss2 [ -1190i -1190
PSI [ 0 ! 0

[
-97 800 ! 97 800

PS2I ____ ___ __

Axial stress, psi Hoop stress, psi

Inner I Outer Inner Outer

58 900 I -28 500 17 100 -8 300

74 800 I -43 900 29 100 -4 080
[

-16 100 ] 23 600 3 750 15 100

11 100 10 600

-27 600 -27 600

-3 550 20 700

-46 600 -137 100

41 200 48 500

-115 600 -93 500

ll 200 10 600

i -27 500 -27 500

52 700 185 600

-320 8 920

44 900 78 600

-101 500 -80 I00

11 200 10 600

-27 700 -27 700

6 740 63 800

Moment, in.-Ib/tn. Force, Ib/in. Displacement, in.

Hoop Verticall Horizonta] Hoop Vertical IHorizontal

1

Axial

........... j

1 822 528 7 594 [ 1 543 2 202 0 0

2 473 692 6 160 [ -4 897 6 262 .0032] .0061

-6 870 -1 962 5001 i -4 031 1360C .0032 I .0061

0 1 -200 I 0 1 62_ -.0028 i .0037

0 0 0 I 0 -9643 .0011] -.0196

-8471 -248 01 1051 3003 .00321 .0061

6506 1887 7594 5292 -45920 0 0

-376 -152 6 160 2 917 22 440 .0405 / .0850

-13500 -3828 5001 I 1661 -150500 i .0405 I .0850

0 1 200 I 0 1633 I -.0100 J -.0151

0 ] 0 I 0 I 0 9629 I "0405 J -.0196

-4650 [-1357 _ 0_ 4836 _ 41700 .0406 .0850

-13 000 -3 690 5001 I 974

0 1 2ooj o

0 0 0 I 0

l -I 996 -583 __ _O_j_ 2 075

(b) SI UnRs

Case

1

2

3

temper-

ature,

o K

294

539

Loca- Axial stress, N/cm 2

tion ......

Inner Outer

FSI 40 600 -19 600

FS2 51 500 -30 200

SSI -ii I00 16 300

SS2 -820 -820

PSI 0 0

PS2 -28 600 28 600

FS1 118 000 -97 300

FS2 3 180 15 600

SSI -24 600 29 200

SS2 -824 -824

PSI 0 0

PS2 [-157 000 157 000

q

FSI i -510 21 400

FS2 i -30 600 -47 000

SSI l -23 500 j 28 200
I

PSI I -67" 0
PS2 I 67400

Hoop stress, N/cm 2

Inner Outer

11 800 -5 720

20 000 -2 810

2 580 10 400

7650 7300

-19000 ] -19 000

-2 440 14 280

-32 100 -94 500

28 400 33 400

-79 600 [ -64 500

? 720 7 310

-19 000 -19 000

36 400 128 000

-220 ] 6 150
I

31000 I 54 200
r

-70000 I -55 200

7 720 7 310

-19 100 -19 100

4850 44000

Moment, (cm)(N)/cm

Axial Hoop

8 i00 2 345

Ii 000 3 080 1

-30 600 -8 730 I

0 4 ;

0

-3 770

28 900

-1 670

-60 000

0

l 0

i -20 600

-2 950

-10 450

-57 800

0

0

-8870 -2 590 [

-i 100 I

8390 i 13 300 I--

-676 I 10 800 I

-17 000 l 8750 ]

350 I

-6 030 I .- •

-854 I

-3 120 1

•16 400 1

Force, N/cm

Vertical] Horizontal

13 300 I 2 700 1
I

10 800 l -8 560

8750 I -7 050

-350 I o
0

1 840

9 260

5 i00

2 910

0

0

8 450

Hoop

3 850

I0 850

23 800

[ 2 850

-16 880

5 250

-80500

39300

-264000

2 860J

16 8501

73 0001
, i --+ .........

13 300 [ -387 I 3 760

I0800 [ -i 750 I 54 I00

8750 I 1705 1-228 700

350 I 2 860[

-16 920

3 630 [ 21 550

Displacement, mm

Vertical Hor_ontal

0 0

.0813 .155

.0813 .155

-.0711 .094

.028 -.498

.0813 .155

0 0

1.03 2. 16

1.03 2. 16

-.254 -.384

1.03 -.498

1.03 2.16

0 0

.0178 .64

.0178 .64

3.95 -1.20

-.0203 -. 5

.0178 .64
]
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TABLE 23. - THERMAL STRESSES FOR GRADIENT

ACROSS WALL

Type of

stress

Inner axial

Outer axial

Inner hoop

Outer hoop

Location

FS 1 FS2

Stress, psi (N/cm 2)

SS1

135 700 (93 400)

-68 600 (-47 300)

135 700 (93 400)

-68 600 (-47 300)

102 000 (70 400)

-46 200 (-31 200)

102 000 (70 400)

-46 200 (-31 200)

328 000 (226 000)

-78 700 (-54 200)

328 000 (226 000)

-78 700 (-54 200)
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Propulsion
fuel assembl

Pressure

tube -\
Pressure

vessel

Heat

exchanger -/

A

(b) Cross section.

- Side

reflector

",-Bleed gas

fuel assembly

Poison

solution in- I

Hz out
I-- Control

I tube

/

_Water transfer

duct

/--- Pressure

tube

Bleed

gas duct

,0 in

Poison solution out
H20 out

(c) End view.

Figure 1. - Concluded.

manifold

CD-8417

134 .,,. oc .............
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_._ L n_ ............ -

("-"Yk..y_3 4 /-18

0000000o0/, 

Section through core

E

8_ TITTI| _I _26

9 _ tl U 15-
16, 17j 29

.o
32_I_ _ 28

21

r'15

'_ z7

16, 17 _ (_ 1

Section through

fuel assemblies

5

}

_,_==:::_:::_=:c=_ CD-92_

Nomenclature

1. Fuel assembly spacing

2. Center fuel assembly

3. Ring 2 of fuel assemblies (arranged in hexagonal rings numbered

consecutively from ring 1 located at reactor center)

4. Ring 3 of fuel assemblies
5. Side reflector

6. Reactor pressure-vessel head

7. Inlet hydrogen plenum

8. Reactor pressure vessel

9. Heat-exchanger tubes

I0. Heat-exchanger, water side

11. Internal primary shield
12. Inlet tube sheet

13. Inlet water plenum
14. Inlet end reflector

15. Flow divider tube

16. Flow divider passage (description of passage only)

17. Pressure tube cooling water (description of water in passage)
18. Core water region
19. Orifice hole

20. Outlet water baffle

21. Outlet water plenum
22. Outlet tube sheet

?3. Outlet tube sheet insulation

24. Nozzle chamber wall

25. Inlet reflector insert

26. Inlet fuel stage I (numbered consecutively from i for first fuel stage
at inlet end)

27. Pressure tube

28. Outlet fuel stage
29. Control tube

30. Inlet water pipe
31. Water manifold

32. Outlet water pipe
33. Nozzle chamber

Figure 2. - Reactor component nomenclature.

Discharge to _ _ First-stage H2
atmosphere /-B_'_...........] .,2 torbopump," Ma,n_2 -'_

nozzle I'_t-t_"x'_(><_'

n°z__l__ . _ storage tank )

_ turb°pump 7 TODDino "m__.._ , g
turbopump-,__v_;nu °" _ I"12pump

Contro,o.ution
heate.changer

J nL-_'_ ctOr I_ L,--_-_oe_ '°r

_-_,,_/////i/,_dllllll/i/)/'lllllllll/lll/lllllll/_ -

• ._I,'¢', Hydrogen feed Nozzle??=_

Hydrogen bleed H _- "_ _ 2
"-////_ Water moderator _._ CS-39 78

Figure 3. - Schematic drawing of hydrogen and water flow systems.

135



v_,ll I VL.I1 I |1 4ET

c_

s-
O

c_

0 __" I0

0

s..

o
o_

C.)

s

c_

136
":_-_L'cl r_'l_Tt-'_"



137



i;i!!:_<:ii:ii:!i:::=:::iii<ii:!i;:_<i!;?;ili:::¸ <iii:i/ii:::

(a) Honeycomb.

(b) Concentric cylinder.

II

"__9 l_.,

...._ _,,,,,,<,_j,//,q<_ ......

i-,
(c) Ring and ligament.

Figure 6. - Fuel-element stagegeometryviews
in direction of flow.
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Oschar eto- r,,,tageH atmosphere _ turbopump

Bleed nozzlea

H2O moderator _,_.....,

tu rbopu rap4.

/
/

Control-solution /
turbopump -/ /_

P • 600 1414) / " -- --

I - 1860 (1030) //
W - 2.5 (1.1) J

'! From toppingtu rbi ne

/- P • 712 (491)
t. / T - 320 (178)
#,

.P Reactor

Figure 10. - Hydrogen bleed systemschematic diagram. Pressure, P, psia
(N/cm 2 abs); temperature, T, R ( K); flow rate, W, Ib/sec (kg/sec).
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Figure 11. - Total fission product power as function of time after shutdown. Vessel temperature, 600 R

(367° K); vessel emissivity, O.90.
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Figure 12. - Steady-state thermal radiation to space from reactor pressure vessel at
various temperatures.

%
g

80--

- IOO

60--
8O

40-- 60

4O

20--

2O

10--

8-- o

- _ 10
6--

4-- °-6

4

2 --

I --

"--o

Lami lar

-Z_\....

"--o.j
/

i /

\\\
\\

\

\
\

\

hE] ./_

/

/

'/ tJ, "_

/ ¢
/

/

J I

6 8 10 20

Flow rate, Iblsec

I I I II J I I l I I I tt t L I

• 6 .8 1 2 4 6 8 10 20 40

Flow Fate, kglsec

1 l 1 I I I I
2 3 5 10 20 30 50

40 60 80 100

Design flow rate, percent

Figure 13. - Reactor core pressure drop• Inlet temperature, 322' R (179 K).

I
IO0

142



z

r_

J_

o

120--

100--

8o _.

.c
im

40--

20--

Assumedoperational limits

c 250psi (172 Nlcm2)core pressure drop
I

/ r 12..5 psi (8. 62 N/cm 2) dynamic head

limits '/ _--Reference

U233 ,,_

/

i I
io2 1o3 104

Reactor power, MW

Figure 14. - Effect of power level and operational limits on thrust-weight ratios.

I
105

143



52xi03

6071-T6
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Temperature, °R
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Temperature, _K
(a) 5061-T6and _61-T7 aluminum.

9x104 ._
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6 _-

oo

_ >-
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4 hot rolled_

14xl(

12

2
500 700 900 lloo 1300

l I I 1 i
300 400 500 600 lO0

(b) Zircaloy-2 and3OZlstainless steel.

Inconel X-750 (hot rolled and
at 1760° R(978° K)for 20 hr-

5OO

I
3OO

700 9O0 1100 1300 1500

Temperature, °R

I ] I I I I
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Temperature,°K

It) Inconel X-750 and titanium alloy 6AI-4V.

Figure 1.5.- Effectot' temperature on yield stress.
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Figure 16. - Wall temperaturesof pressure vessels of various
materials and thicknesses. Internal heat generation rate,
2. 65 watts per gram; inner facein contact with coolant
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Figure ]8. - H01econfiguration in beryllium inlet end reflector.
(All dimensions are in inches (cm).)

(a) Assembly.

(b) Water port.

C-63815

P-65-2515

Figure 19. - Testheat exchanger.

P-65-25]7

(c) Tube to heater joints.
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O. 380 to O. 382

(0.9652 to O. 9/03) _ .

diam (before rolling)--;-_: F

_ "i̧ I
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Figu re 20. - Rolled tube and header configu ration (before welding}.

(All dimensions are in inches (cml.)
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Tube spacer before assembly-J

Figure 21. - Test heat exchanger components.
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Figure 22. - Test heat exchanger tubes and tube spacers.

C-74452
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Cross section th rough support

Support tube -- I. _ ,-- Pressure tube

1 1
Hydrogen flow Water flow

Section B-B
CD-g250

Figure 23. - Reference design hot end fuel assembly support.
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C-65-3410

Figure 28. - Pressure tube strain gagelocations. (All dimensions are in inches (cm).)

C-65-3409

Figure29. - Holdingfixture for vibrationtests on fuel assemblies.
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"_ Tungsten radiation
Region A shield

tlilV:ly cooled

Figure 32, - Schematic diagram of outlet tube sheet region of core.
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///////////////////I////////////////7/////////////
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| I flow space

• t " --F-

support device-" ""_',.,,,,, // (5. 318 c_n)

' ""',,_/ Stagnant gas gap.____

| Aluminum pressure tube |

Water flow space

Figure 33. - Schematic representation of generalized V-type lateral support device

used in heat-transfer analyses, where a = [t_/(L/2)2 + (0. 125)2 ]/0. ),25 inches

a 2+ ), 2( = [t_U21 10.3 8) ]/0.31_ c n),t is thickness of lateral support spacer,

and L is characteristic length of spacer.
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Figure 40. - Unzonedcore axial powerdistribution.
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Figure 41. - Stage to stage variation of 1 standard deviation in various uncertainties (see
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regions_/._/7_.c,-,_-_-,\-,,\\.__/_, _r-_. i(-_\ /,r_f___x_upport tube

-__ diameter, D, J/-"_'_\

Figure 46. - Honeycomb fuel stage. View in direction of flow. Nominal hydraulic diameter,
0.].19 inch (3.02 ram).

164
#



55OO

2.66

I

• 105
t

Average hydraulic diameter, mm
2.74 3.04 3.38
I 1 I

A,,eragehydraulic diameter, in.
•108 .120 .133

I I I
Radial clearance, mm

0 .254 .508 .762
I I I I

Radial clearance, in.
0 .01 ,02 .03
I 1 I I
L I I I I I

_ ----_ Temperature
Temperature difference

3000 u ___

2950

_ 285O_- ,/_

2750

._ z7oo

2650t__

47OO
• 45

4OO

.50 .55 .60 .65 .70
Totalflowareainouterflowpassages,in.2

I I I I I I I I
3.0 3.2 3.4 3.6 3.8 4.0 4.2 4.4

Total flow area in outer flow passages,cm2

Figure 47. - Effectof total area in outer flow passagesof honeycomb
stageon maximum surface temperatures and temperature differences.
Cylinders usedto simulate honeycomb•

c

250 _

200.,

150 "_

100 E

.__
50 -,-

o,

165



E

$

==

700(--

3500F 600

2500

1500 L-- _ _zooo_ _ 300

E

¢o

"u

I I I I 1 I _ 1 l 1 1 ]
Hydraulic diameter, D, in. (mini

Nominal 0.08(2.03) 0.10(2.54) 0.12(3.05) 0.14(3.56)

2OOO_
08

I I I/I

• 09 .10 .11 .12 .13 .1'4

Equivalent hydraulic diameter of irregular passage, in,

1 I I I I 1 I

Fraction of area, percent

_X, --0 79.6 1.6 3.2 6.0 9.6

_-----ml 79.6 2.6 4.1 5.8 7.9

-------A 79.6 3.8 5.1 5.6 5.9

',k

\

2.2 2.4 2.6 2.8 3.0 3.2 3.4 3.6

Equivalent hydraulic diameter of irregular passage, mm

Figure 48. - Effect of irregular flow passages in honeycomb on surface tempera-

ture. Ratio of heat transfer surface to total surface in irregular passages, O.75;

nominal passage equivalent hydraulic diameter, O.119 inch (3. 02 mm).

6OO0

5O0O

2500--,¸

_40OO

2OOO- _I.
E

_3ooo
15OO-- _

looO_
2OOO

I

I I I I I I
Passage characteristics

Hydraulic Ratio of heat- Percent of

diameter, transfer to total total flow
D, surface area, area

in. (ram) As/A t

-- O.119 (3.02) i.0

--'-- .125 (3. 15) .74

.... .108 (2.74) .71

-- -- .059 (I.50) .41

__ . ]/._

.... / f
//

__--° ,/ --

//

./-- I I1
/¢4" :

.2 .4 .6 .8 1.0

Fraction of core length

79.6

10. 1

10. 1

2.2 1
I

Figure 49. - Surface temperatures of honeycomb fuel-

element assembly with irregular passages.

166



g

:I
:I
3

7O0O

[
1000 I

I I f
Hydraulic /

diameter, /

D, - /Iin. (mm)

oo_(2.o3);-f _° 08(zo31;
No rotation/ / 15 Rotation be-

! tween each stage.
/

. //_x.,, '-0. 12 13.05);

/_,-.I" 15° Rotation be-
"- tween each stage]

/ / _5)

-'/-J N'O rotation; 1

t
.4 .6 .8 1.0

Fractionofcore length

Figure50. - Effectof rotationof honeycomb stageson tem-

peraturedifferencesbetween irregularpassages. Ratio

ofheat-transfertototalsurfacearea,O.75. Complete

mixing between stagesisassumed.

0 .2

Tungsten pins --___

Tungsten disk-I

I

_ten substrate

Zirconia J

C-65-3142

Figure 51. - Tungsten and zlrconia compatability test specimens.

i C)
C-65-3143

Figure 52. - Zirconia surface before and after compatability test with
tungsten.
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I1'

(a) After 2 hours at 3880° R (2145° K). Etchant, Murakami's reagent.

-_ C-67-4395

(b) Prior to test.

Figure 53. - Zirconia-coated tungsten test specimen. XIO0.
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Figure 54. - Zirconia-coated tungsten test specimen after 2 hours at 3860° R
(2145° K). X100l
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C-67-4393

Figure 61. - Specimenof circumferential typecontrol element manufactured by chemicaletching.
(Photographcourtesy of E. B. Welding Service, Clevite Corp., Aerospace Division.)

J

Figure 62. - Core layout with 19control rods.
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(a) Rod inserted.
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(b) Rod withdrawn.

Figure 64. - TWtvlR rodded reactor relative power across fuel element.
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Figure 65. - Thermal performance of reference design

reactor with liquid poison control. Length of core

(heat-transfer surface), 39 inches (9g cm).
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Figure 66. - Effect of length on fuel-element surface
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Figure 72. - Effect of interpassageconduction on two fuel zone roddedcore (end of life)
surface temperature.
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initial flow distribution basedon drums-out condition.
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Figure 74. - Typical reference-design fuel cell.
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Figure75. - Relativecellfissionpower distribution(localtoaverage)for one-twelfthof

symmetrical core. {See fig.2 fordesignationofring numbers.)
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Figure 76. - Radial distribution of volumetric heating
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rate distribution.
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Figure 79. - Radial distribution of heat transferred to
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Figure 81. - Effect of flow rate on maximum aluminum pressure tube
temperature. Water temperature at reactor inlet, 660_'R (367_ K).
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Figure 11.5. - Backup shell heat-transfer model.
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Figure 116. - Nozzlebackupshell temperaturedistributions. Values shown are for temperaturesat equidistant
points acrosswall thickness.
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